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1. INTRODUCTION

Natural fibres have recently attracted the attention to be
used as reinforcement in plastics. The attractive features of 
these fibres are in the ecological advantages, commercially 
available and higher specific mechanical properties. These 
fibres are environmentally friendly, biodegradable, renew-
able and provides the facility to be used as a green sources 
of reinforcing materials. Low density, high specific strength 
and modulus properties of these fibres have the potential to 
be used in engineering fibre composites for load bearing ap-
plication with partial replacement of synthetic fibres [1].

Natural fibres such as jute, flax, coir, sisal etc are widely 
being used as reinforcing fibres in thermoset and thermo-
plastic matrix. Among these fibres, jute (Corchorus cap-
sularis) is commercially available and inexpensive source 

of lignocellulosic fibre. The approximate chemical com-
position of this fibre is cellulose (51–84%), hemicellulose 
(12–20%), lignin (5–13%), pectin (0.2%) and wax (0.5%) 
[2]. Cellulose is considered as the major framework compo-
nent of the fibre structure. It provides strength, stiffness and 
structural stability of the fibre. The cellulose structure of the 
fibres is distinguished through crystalline and amorphous 
regions, whereas hemicellulose and lignin are completely 
amorphous. In cellulose crystalline region, large numbers of 
strongly linked hydroxyl groups are present. These hydroxyl 
groups are inaccessible and so other chemicals have difficul-
ty penetrating the crystalline region. However, in the amor-
phous region, the hydroxyl groups are loosely linked with 
the fibre structure and are relatively free to react with other 
chemicals [3]. Due to this freedom, hydroxyl groups present 
in the amorphous region can easily combine with water mol-
ecules from the atmosphere. The hydroxyl groups present 
in the amorphous hemicellulose and lignin initially give the 
access of water molecules to penetrate the fibre surface. Wa-*Corresponding author. tel. +61 7 4631 1338; fax. +61 7 4631 2110 
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ABSTRACT

Composite materials based on natural fibres, especially jute, have the potential to be 
used in engineering load bearing applications. Inherent flaws within natural fibres in 
terms of the presence of hydrophilic hydroxyl groups in their structure absorb atmo-
spheric moisture which reduces the compatibility of these fibres with polymer matrices. 
Fibre surface modifications using chemical treatments have the potential to improve 
fibre-matrix compatibility. In this study, jute fibres were treated with different concen-
tration of alkali (NaOH) solutions. The changes in fibre structure after treatment were 
investigated by Differential Scanning Calorimetry (DSC) and Thermogravimetric Analy-
sis (TGA). Treated fibres were reinforced in polyester matrix to prepare composites by 
using hand lay-up method. The compatibility between fibre and matrix were analysed 
through mechanical property testing of the composites. Mechanical properties such 
as flexural and compressive strength, modulus and strain at break of composites were 
studied and compared. Best results were observed on compressive and flexural prop-
erties respectively for 5% and 7% NaOH treated samples. Thermal stability was also 
enhanced for the treated fibres. In general, thermal and mechanical properties of the 
treated fibres and their composites were superior to the untreated fibres.
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ter molecules then combine with the hydroxyl groups that 
are present in cellulose (in the amorphous region) and stay 
in the fibre structure. This makes the fibre hydrophilic and 
polar in character. Figure 1 shows the schematic structure 
and the orientation of fibre constituents that absorb mois-
ture. Hydrophilic fibres worsen the ability to develop adhe-
sive characteristics with most hydrophobic binder materials 
during composite processing. As a result strong bonding be-
tween fibre and the binder materials are compromised which 
reduced the composites mechanical properties. This prob-
lem can be addressed by treating these fibres with suitable 
chemicals. Treatments can decrease the amorphous hydrox-
yl groups, remove the lignin and hemicellulose coverings 
from the fibre surface and expose the cellulose structure to 
react with binder materials. Different types of fibre surface 
treatments were used by several researchers by using diverse 
type of chemicals and methods. Among which alkali treat-
ment is economically viable and more effective fibre sur-
face treatment to improve composite properties. Cellulose, 
hemicellulose and lignin constituents of fibre are sensitive to 
the action of NaOH [4]. Treatment reduces hydroxyl groups 
that present in the amorphous region of fibre (Fibre-OH + 
NaOH → Fibre-ONa + H2O). Due to this hydrophilic nature 

of the fibre reduced. Alkali treatment also takes out a certain 
portion of hemicellulose and lignin covering materials. As a 
result, larger number of possible reaction sites of cellulose is 
available for matrix (binder) adhesion [5–6].

Yan et al. [7] and Dipa & Sarkar [8] reported that al-
kali treatment breaking down the fibre bundle by removing 
hemicellulose, lignin and waxy substances from the cellu-
lose surface. This increases effective surface area of fibre 
and facilitate the cellulose hydroxyl groups to react with 
binder materials. Prasad et al. [9] used 5% NaOH for 76 
hours and showed 40% higher flexural strength properties of 
treated coir-polyester composite compared to the untreated 
sample. Leonard et al. [10] used 0.16% NaOH treatment on 
hemp fibre for 48 hours and found treated fibre composites 
had 30% and 50% higher tensile and shear properties. Dipa 
et al. [11] used 5% NaOH treatment on jute fibres for 2 to 8 
hours and showed 35% and 20% improved flexural strength 
and modulus respectively for the treatment of 4 hours. Vivi-
ana et al. [12] reported hemicellulose and lignin constituents 
were sensitive to higher temperature and removal of these 
constituents increased 4% higher thermal stability of hemp 
fibre after 8% NaOH treatment.

These studies have been focused on the different concen-

Figure 1.  Schematic presentation of the orientation of fibre constituents that absorb moisture.
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tration of alkali treatment on jute fibres. The treatment effect 
changes the content of cellulose, hemicellulose and lignin 
constituents of the fibre. Theses constituent changes can be 
detected by thermal (TGA and DSC) analysis. TGA aids 
in demonstrating the reaction mechanisms of fibres which 
occur at the molecular level of the fibre constituents as a 
function of progressive temperature. Fibre constituents de-
grades at different temperatures and results in weight loss. 
DSC allows a measurement of the chemical changes among 
the fibre constituents when subjected to heat. Untreated and 
treated jute fabric was reinforced in polyester matrix to pre-
pare composites. The treatment effects on fibre-matrix inter-
face bonding were investigated through mechanical property 
analysis. Experimental three point bending and compression 
tests were carried out in order to compare the stiffness and 
load-carrying capacity of these composites containing un-
treated and treated fibres. 

2.  EXPERIMENTAL 

2.1.  Constituent Materials

The woven jute fabric (jute gunny bag) was collected 
from the local market in Australia. T102 regular (paraffin) 
wax was used as a mold releasing agent. General purpose 
unsaturated polyester resin was used as matrix and methyl 
ethyl keton peroxide was utilised as a curing catalyst. 

2.2.  Fibre Surface Treatment

The alkali treatments used different concentrations of 
NaOH solution. The solution was prepared by adding 4%, 
5%, and 7% NaOH (by weight) in a water ethanol mixture 
(water: ethanol = 80 : 20). It was then stirred at room tem-
perature for an hour. Jute fabrics were soaked with differ-
ent concentrations of NaOH solutions for 3 hours at room 
temperature. The fibres were then washed several times with 
distilled water to allow absorbed alkali to leach from the fi-
bre. The washed fibres were dried at room temperature for 8 
hours, and then oven dried at 100°C for another 6 hours. The 
dried fibres were stored in a sealed plastic bag to avoid atmo-
spheric moisture contamination prior to thermal analysis and 
composite processing.

2.3.  Composite Processing

Jute fabric reinforced polyester composite was prepared 
by hand lay-up process. In this process, the fibre-matrix 
mixing occurred in an open mould (a flat carbon steel sheet 
was used as a mould). The mould was waxed several times 
with a mould releasing agent. The first layer of jute fab-
ric was laid over the mould and the polyester matrix (with 
1.5% MEKP) was spread over the fibre carefully to ensure 
maximum fibre matrix wetting. A roller brush was used in 

the fibre-matrix mixing process. Extreme care was taken 
to achieve a uniform matrix distribution throughout the fi-
bre cross-sections in the sample and removed any possible 
entrapped air in the matrix. Then the second layer of jute 
fabric was placed on the top of the first layer and above pro-
cess was repeated. Afterwards, a waxed flat glass plate was 
placed on the top of the mat with a weight to ensure smother 
surface of the fabricated composites. The fibre content was 
25% of the weight of the produced samples. The samples 
were kept at room temperature overnight then post cured at 
80°C for 4 hours. The sample was released from the mould 
and kept in an oven at 80°C for 4 hours to post-cure. The 
cured panel (400 × 400 mm2) was trimmed and sectioned for 
mechanical testing. 

3.  TEST METHODS

3.1.  Differential Scanning Calorimetry (DSC)

DSC analysis on treated fibres was performed by using a 
thermal analyser (DSC Instrument, Model No. Q100). Fibre 
samples (between 6 to 10mg) were heated between the tem-
perature ranges of 10°C to 450°C at a rate of 10°C/min. The 
experiment was conducted in a nitrogen environment purged 
at 20 ml/min. Nitrogen was used for efficient heat transfer 
and removal of volatiles from the sample. Each fibre sample 
was analysed separately and overlapped for comparison. 

3.2.  Thermogravimetric Analysis (TGA)

TGA analysis on treated fibres was carried out by a ther-
mal gravimetric analyser (TGA-Model No. Q500). Between 
6 mg to 10 mg of fibres was taken for analysis. Fibre samples 
were heated between the temperature range of 25°C to 500°C 
at a rate of 10°C/min. Experiments were carried out in a he-
lium medium (60 ml/min) and the weight was recorded as a 
function of increasing temperature. The heating conditions 
were constant for all treated fibre samples.

3.3.  Flexural Test

Flexural testing of the composites was conducted follow-
ing ISO 14125 (1998) by using a 10 kN MTS testing ma-
chine at a loading rate of 2 mm/min. The specimens were 
simply supported and tested under 3-point loading with the 
span set at approximately 16 times the thickness of the speci-
men. Six specimens were tested for each sample. The test 
setup and instrumentation are presented in Figure 2. The 
load was applied at mid-span of the specimens, perpendicu-
lar to the fibre direction. Before each test, the loading pin 
was set to almost touch at the top surface of the specimen. 
To determine the strength and elastic properties in bending 
the load and mid-span deflection were recorded up to the 
specimen failure. 
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Figure 3.  DSC analysis of the fibres.

3.4.  Compression Test

Compression testing was carried out on the composites 
following ISO 14126 (1999) by using a 100 kN MTS ma-
chine with a loading rate of 1 mm/min. Six specimens were 
tested for each sample. The specimens were cut in to the 
dimension of L × W = 140 mm × 12 mm and were clamped 
in a Wyoming Modified Celanese Compression test fixture. 
The load was applied in parallel to the fibre direction and the 
resulting deformation was recorded until failure.

4.  RESULTS AND DISCUSSION

The thermal and mechanical properties of treated fibre 
and their composites were compared with the untreated 
samples.

4.1.  DSC Analysis of Fibres

DSC analysis is used to determine the thermal energy re-
leased or absorbed via chemical reactions of the fibre con-
stituents during heating. A series of exothermic and endo-
thermic reactions take place during sample decomposition at 
different temperatures [13]. The magnitude and location of 
the exothermic and endothermic peaks indicate the thermal 
phase transformation of the fibre. In the case of an endo-
thermic event, heat is absorbed by the sample, whereas heat 
is released in an exothermic event. Endothermic reactions 
provide information on sample melting, phase transitions, 
evaporation, dehydration and pyrolysis. Exothermic reac-
tions provide information on crystallisation, oxidation, com-
bustion, decomposition and chemical reactions [14]. 

From Figure 3 it can be observed that both untreated and 
treated fibres shows one broad endothermic peak between 
the temperatures of 10–150°C. This peak was corresponded 
to the evaporation of moisture absorbed by the fibre. From 
Table 1 it can be observed that, for untreated fibre moisture 
evaporation temperature (which was 77.07°C) was higher 
than that for the alkali treated fibres (79.18–85°C). This is 

might be the case of treated fibres has less moisture content 
compared to the untreated fibres [15]. 

The region between 150–250°C shows no exothermic or 
endothermic changes which reflects fibres are thermally sta-
ble between these temperatures. It was reported that, lignin 
starts degrading at a temperature around 200°C. Therefore, 
hemicellulose and cellulose degrades at higher temperatures 
[16]. Hence the exothermic peak higher than 200°C is as-
sociated with the thermal degradation of lignin, hemicellu-
lose and cellulose constituents. The first exothermic peak in 
Figure 3 for untreated fibre was observed at a temperature 
around 300°C, which was associated to the degradation of 
hemicellulose. For treated fibres, the heat required to gen-
erate these peaks were higher than the untreated sample 
indicated treatment removed hemicellulose from the fi-
bre. Afterwards, there was a very strong endothermic peak 
for untreated fibre at about 368°C, however, treated fibres 
showed exothermic peak at this region (340–400°C). This 
indicated the degradation of lignin and cellulosic matters 
form the treated fibres. From Table 1 it can be observed that 
less temperature (350–360°C) were required for the treat-
ed fibres exothermic peak compared to the untreated fibre 
(368°C). This was due to the removal of lignin and cellulosic 
matters from the treated fibre with the effect of alkali treat-

Figure 2.  Flexural test setup of composite specimen.
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ment. For untreated fibres these constituents were present 
and absorbed higher temperature to degrade. From this anal-
ysis it can be stated that, alkali treatment removed hemicel-
lulose, lignin and cellulosic matters from the fibre surface. 
As a result fibres become more thermally stable, improved 
hydrophobic nature and facilitate better adhesion possibili-
ties with the matrix.

4.2.  TGA Analysis of Fibres

Thermo gravimetric analysis (TGA) was used to measure 
the weight loss of fibres as a function of rising temperature. 
The weight loss in fibres occurs due to the decomposition of 
cellulose, hemicellulose and lignin constituents during heat-
ing. Higher decomposition temperatures give greater ther-
mal stability [17]. 

From Figure 4 it can be observed that, there are three 
stages of weight loss occurred as temperature increased. The 
first stage of weight loss was observed between 25–150°C, 
which was correspondence to the release of moisture con-
tent by the fibre. The second stage of weight loss occurred 
within the temperature between 200–380°C, which was re-
lated to the degradation of lignin and hemicellulose. The last 
stage of weight loss occurred between the temperature of 
310–380°C, indicated the degradation of cellulose and other 
cellulosic matters from the fibre [15]. 

From Figure 4 it can be observed that, untreated fibre de-
graded faster than the treated fibres in the second stage of 
fibre degradation process. From this result, it can be stated 

that hemicellulose and lignin constituents were partially re-
moved from the treated fibres which enhanced thermal sta-
bility of fibre. This was evidenced by the degradation rate 
of the treated fibre with higher temperature and by lowering 
the weight loss compared to the untreated fibre. From Table 
1 it can be observed that in every stages of weight loss (%) 
for treated fibre was less than the untreated fibre. These re-
sults also indicated that treatment reduced the moisture and 
constituent (hemicellulose and lignin) contents of fibre and 
exhibited greater thermal properties. 

4.3.  Flexural Properties of the Composites

Flexural properties of untreated and treated fibre compos-
ites are shown in Figure 5 and Table 2. During testing various 
load distribution mechanisms, such as tension, compression 
and shear between fibre and matrix were taken place simul-
taneously [18]. As a result, different failure modes were ob-
served such as bending, shear and matrix cracking on the 
tested samples. From Table 2 it is observed that treated fibre 
composites has higher flexural strength properties compared 
to the untreated fibre composites. The flexural strength of the 
untreated fibre composites was 39.63 MPa, whereas for 4%, 
5% and 7% NaOH treated fibre composites showed 18%, 
32% and 31% higher strength properties respectively. Fig-
ure 5 presents stress-strain behaviour of the untreated and 
treated samples. Treated samples exhibited higher failure 
strain (2.66–3.81%) properties compared to the untreated 
samples (2.52%). The difference in flexural properties of 

Table 1.  Thermal Analysis of Jute Fibre.

Fibre Treatment

DSC Analysis (Thermal Degradation) TGA Analysis (Thermal Degradation)

1st Stage 
(Moisture 

Evaporation)

2nd Stage  
(Hemicelluloses 

and Lignin)

3rd Stage 
(Cellulosic 

Components)

1st Stage 
(Moisture 

Evaporation)

2nd Stage 
(Hemicelluloses 

and Lignin)

3rd Stage 
(Cellulosic 

Components)

Tempt Range 
10–150°C

Tempt Range 
280–320°C

Tempt Range 
340–400°C Weight (%) Weight (%) Weight (%)

Untreated 77.07 299.26 368.44 8.88 26.10 80.41

NaOH treated
4% 84.07 307.99 361.04 5.55 18.32 75.59
5% 84.90 312.21 354.95 7.98 21.07 63.40
7% 79.17 290.80 350.40 6.75 28.91 61.02

Table 2.  Mechanical Properties of the Composites.

Type of  
Reinforcing Fibre

Flexural Properties Compressive Properties

Flexural Strength 
(MPa)

Flexural Modulus 
(GPa)

Strain at Break 
(%)

Compressive 
Strength (MPa)

Compressive 
Modulus (GPa)

Strain at Break 
(%)

Untreated 39.63 1.56 2.52 56.09 0.75 7.42

NaOH treated
% 47.91 1.77 2.70 57.42 0.44 12.97
% 57.16 1.49 3.81 69.01 0.88 7.77
% 56.75 2.13 2.66 55.63 0.65 8.59
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the composites supported well as the untreated fibre holds 
moisture due to the presence of hemicellulose, lignin and 
cellulosic matters in its structure. As a result, ineffective in-
terfacial bonding between the fibre and matrix occurred and 
showed poor mechanical properties. On the other hand, due 
to the partial removal of hemicellulose, lignin and cellulosic 
matters from the fibre by the action of alkali treatment bet-
ter bonding with the matrix achieved and showed improved 
mechanical properties. Several authors reported similar ob-
servations on improved flexural properties after alkali treat-
ment of reinforcing fibres [19].

4.4.  Compressive Properties of the Composites

Compressive properties of untreated and treated fibre 
composites are presented in Figure 6 and Table 2. From 
Table 2 it is observed that, 5% treated sample showed 19% 
and 15% higher compressive strength and modulus than the 
untreated samples. The stress-strain behavior in Figure 6 
also exhibited higher failure strain properties for the treated 
composites compared to the untreated samples. 4%, 5% and 
7% treated fibre composites showed 48%, 45% and 22% 

higher strain compared to the untreated samples. These re-
sults indicate that better fibre matrix interface bonding was 
achieved in case of treated fibre composites. This was due 
to the removal of fibre surface coverings (hemicellulose 
and lignin) by NaOH treatments. The removal of the fibre 
surface coverings facilitated strong interfacial bonding with 
matrix materials. Strong interfaces prevented fibre buckling 
into the matrix, which ultimately delayed the formation of 
matrix cracks. Greater stress transfer from matrix to fibres 
took place and thus composite exhibited higher compression 
properties.

5.  CONCLUSIONS

Following conclusions can be drawn from the above re-
sults and discussion:

1.	 Jute fibre surface was modified by the different con-
centration of alkali treatment. This treatment removed 
hemicellulose, lignin and cellulosic constituents from 
the fibre. As a result, hydrophilic tendency of fibres 
were reduced and also exhibited higher thermal stabil-
ity. This provides better interfacial adhesion between 
the fibre and matrix. 

2.	 Alkali treated fibre composites had higher flexural prop-
erties compared to the untreated samples and the prop-
erties became greater at higher treatment concentrations 
(5-7%NaOH). These results indicate treatment reduced 
moisture from the fibre by removing hemicellulose, 
lignin and cellulosic constituents and thus improved 
compatibility with the matrix which resulted superior 
mechanical properties. 

3.	 Compressive properties of treated composite samples 
showed higher failure strain properties. The higher 
properties indicate greater adhesion between the treated 
fibre and matrix were achieved which allowed the 
sample to take larger deflection before failure. 

From the above discussion, it can be stated that alkali 
treatment on jute fibres achieved some degree of success in 

Figure 4.  TGA analysis of the fibres.

Figure 5.  Flexural properties of the composites.

Figure 6.  Compressive properties of the composites.
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improving thermal and mechanical properties of the fibre 
and composites. This method of fibre modification will help 
to develop natural fibre composites with better performance 
under load bearing conditions. 
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INTRODUCTION

The increased use of FRP composites for load bearing 
structures has alerted related industries to the urgent need for 
structural health monitoring (SHM) systems that ensure the 
safe operation of the critical composite structure. A major 
reason for this need is the unresolved problems associated 
with the failure modes and mechanisms of FRP composites. 
Damage detection in FRP structures using embedded FBG 
sensors, has been an emerging research topic for threede-
cades [1–6]. FBG based SHM systems are using multiple 
numbers of FBG sensors for competent and robust opera-
tion [5]. However, the addition of FBG sensors to a network 
simultaneously increases the complexity, installation prob-
lems and cost of implementation. A logical solution to these 

problems is the use of an optimized number of FBG sensor 
in a network. However, there is no engineering solution to 
replace a lost or obsolete FBG sensor in an optimized net-
work attached to a composite component. This leaves a huge 
void in the process of developing FBG based SHM systems 
for composite structures.

Several researchers have used ANN based systems for 
SHM in different stages [7–9]. The excellent predictive abil-
ity of the ANN makes it ideal for the prediction of param-
eters correlated to multiple parameters. In circumstances 
where the correlation is complex and difficult to identify as 
a function, the learning process in an ANN provides the abil-
ity to work even without a function and provides promising 
results when fed inputs not encountered during the training 
process [10–12]. One of the commonly used neural network 
architectures for function approximation is the Multi-Layer 
Perceptron (MLP). Back-Propagation (BP) algorithms are 
used in a wide range of applications to design MLPs suc-*Corresponding author. Email: gayan@usq.edu.au
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ABSTRACT

With the increased use of fibre reinforced composites in load bearing structures espe-
cially in the aerospace industry, it is crucial to have in-situ structural health monitoring 
systems to ensure safe operation of the structure. When it comes to using fibre Bragg 
grating sensors for the task, it is not possible to monitor the structure using a single 
sensor. Consequently, many FBG sensors are needed for monitoring the integrity of a 
complex composite structure. Randomly placed or uniform sensor networks prevent 
the optimisation of sensor layout required for efficient detection of damage. In addition, 
provision for error or insensitivity must be avoided in the process of structural health 
monitoring.

This paper details research work conducted to develop a procedure for optimising 
an FBG sensor network. Furthermore, procedures for the immediate rehabilitation of 
FBG sensor networks due to obsolete/broken sensors, has also been investigated. In 
this study, an artificial neural network (ANN) was developed and successfully deployed 
to virtually simulate the broken/obsolete sensors in a FBG sensor network. The predic-
tion of the ANN network was found to be within 0.1% error levels. 
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cessfully [8].The ANN is famous for the classification of 
spectral data. 

Zhang et al., used an ANN to improve the FBG signal 
detection system [13]. They used an ANN to eliminate errors 
in the conversion of optical signal to electrical signal. Veiga 
et al. used an ANN to improve the reliability of the FBG 
signal under power variations of a light source [14]. Gayan 
et al. have shown a novel method to decode FBG spectrum 
and convert a wave length domain signal into a time domain 
signal which can easily be fed into any decision making sys-
tem such as ANN [15]. As such the versatility ofan ANN for 
the processing of non-linear parameters is proven by inter-
nationally conducted research in a variety of fields. In this 
case of strain prediction using a highly complex strain field, 
the use of an ANN is highly advantageous. This paper details 
a study that was carried out for the optimization of a sensor 

network to monitor a complex strain field of a critical loca-
tion of a helicopter blade using a developed ANN and a finite 
element simulation.

THE PROCESS OF OPTIMISATION OF A  
FBG SENSOR NETWORK

The process of optimisation of the FBG sensor network is 
graphically illustrated in Figure 1. Initially, the critical load 
bearing structural component needs to be identified. To iden-
tify the critical structural component, actual operating load-
ing and/or the design loading can be used. To identify stress 
concentration as a whole and the stress variations in each 
layer, the component must be modelled in the FEA environ-
ment using all, or critical, load cases. The strain values around 
the stress concentration have been used as strain readings of 
simulated FBG sensors in those particular locations. The FEA 

Figure 1.  Process of locating FBG sensors.

Figure 2.  Strain variation in helicopter blade base combined load-
ing.

Figure 3.  Specimen configuration (all dimensions are in millime-
ters).
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generated strain values (simulated FBG readings) have been 
used with an ANN to identify damage and/or damage initia-
tion in the pre-identified stress concentration. 

To decide on the number of sensor locations, the learning 
rate (epoch) of ANN was used as the measure. The optimum 
number of FBG sensors was identified at the lowest epoch, 
which is obtained when the ANN is operating with its high-
est learning rate. The learning rate is a measure which gives 
the correlations in between ANN inputs. If the ANN inputs 
have strong correlation, learning of the ANN is efficient and 
the learning rate higher. Consequently, the epoch reduces. If 
the correlation in between ANN inputs is weak, the learning 
process is difficult and learning rate lower, and as a result, 
the epoch will be higher. 

In this case study, the ANN inputs are the strain reading 
from FBG sensors (or simulated), and hence the learning rate 
or the epoch of ANN can be used as a measure of the correla-
tion between each sensor in the sensor network. As a result, it 
is possible to identify the sensor network which gives the low-
est epoch, indicating the identified sensor network where the 
sensors have a strong correlation to each other. Subsequently 
to find the optimized number of sensors for the network, the 
amount of sensors used in the network was reduced one by 
one and the ANN was trained for each case until lowest epoch 
remaining unchanged by a significant amount. 

With the optimised number of FBG sensors and their cor-
responding locations, a specimen was fabricated for verifica-

tion of the performance of the network. Using the same load 
cases used in the FEA modelling environment, the specimen 
was tested. The experimental data was used with the ANN 
and the result obtained was used to verify the optimised FBG 
network. 

The main advantage of this optimisation process is the 
possibility of deciding the number the locations of FBG 
sensors in the modelling environment. The following study 
details the use of the proposed process to optimise the FBG 
sensor network in a helicopter blade base structure.

IDENTIFICATION OF THE LOCATIONS OF  
FBG SENSORS IN A COMPOSITE STRUCTURE TO 
DETECT DAMAGE USING FEA SIMULATION

As a case study, a helicopter blade base structure has been 
investigated. A complete Finite Element Analysis (FEA) to-
gether with an experimental verification was used for the in-
vestigation. Thehelicopter blade base structures underwent 
complex loading conditions in the forms of axial, bending 
and torsion during the operation, [16,17] and combined load-
ing was simulated in FEA.Initially, acritical section of the 
component wasidentified using FEA simulation. The strain 
values at particular locations in the structure (the simulated 
FBG sensors) were entered into an ANN (ANN1) and the 
ANN was trained for various combinations of strain values 
occurring under many different combined loading applica-
tions.This procedure was repeated until the ANN’s predic-
tion of strain at any location under any combined loading 
application within 0.1% accuracy. 

Next,a delamination was introduced in the FEA mesh and 
the ANN was fed the strain values at the same locations. At 
this stage ANN output is decision on Yes/No for “extra-ordi-
nary strain field change”. 

The procedure was repeated with varying numbers of 
FBG sensors until the prediction of the algorithm was 
reached within a 0.1% error level. The optimal number of 
FBGs was taken at 0.1% error level.

Figure 4.  Two parts of the model.

Figure 5.  Applied load on the component.

Figure 6.  Deformed shape of the component.
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Figure 7.  Strain variation in x direction (E11) (a) layer 4 (b) layer 5.

Figure 8.  Locations of the FBG sensors.

Figure 9.  Delamination in the component.
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Figure 10.  Variation of strain in location G under combined loading.

APPLICATION OF OPTIMISATION TECHNIQUES 
TO A FBG SENSOR NETWORK IN A HELICOPTER 
BLADE BASE STRUCTURE

A critical portion of a selected helicopter blade base 
structure was modelled with the commercial FEA software 
ABAQUS. The load cases were selected using the operation 
loads which a helicopter blade base would experience while 
in operation. Figure 2 shows the strain variation observed 
from simulation of a helicopter blade base under axial ten-
sion and torsion loading. 

In the real testing environment, due to the limitations of 
the test equipment, it is difficult to load the specimen in ax-
ial, bending and torsion at the same time. Because of these 
limitations in the test rig, only axial and bending loading was 
used for the experiment. However, for the process of iden-
tifying stress concentrations in the modelling environment, 
axial, bending and torsional loading were used (as shown in 
the Figure 2).

The laminated structure with 16 layers with layup 
[0°/0°/90°/90°/–45°/+45°/90°/0°/]s, was modelled and the 
geometry of component is given in Figure 3. To accommodate 
the modelling of delamination, the structure was modelled in 
two parts as shown in Figure 4. The top part of the specimen 
consisted of 4 layers with lay-up [0°/0°/90°/90°]of the total 

thickness 2 mm. The bottom part consisted of 12 layers with 
lay-up [–45°/+45°/90°/0°/0°/90°/+45°/–45°/90°/90°/0°/0°]
of the total thickness 6 mm. Part 1 and Part 2 were initially 
rigidly connected to each other to make one component us-
ing surface constrains available in ABAQUS.

The bulk material properties were adopted as follows: 
E1 = 34.412 GPa, E2 = 6.531 GPa, E3 = 6.531 GPa, ν12 = 
0.217, ν13 = 0.217, ν23 = 0.336, G12 = 2.433 GPa, G13 = 
2.433 GPa, and G23 = 1.698 GPa in the direction of angle 
0° (x axis). The model consisted of a mesh with 737 ele-
ments and 1674 nodes using SC8R elements which were 
8-node quadrilateral in-plane general-purpose continuum 
shell elements. Use of SC8R elements reduces integration 
with hourglass control and finite membrane strains with 
the composite option for the cross-section description.The 
component was rigidly supported on one side as shown in 
Figure 5, and axial load of 10kN and bending load of 500N 
was applied in 20 steps. Table 1 shows the loading in each 
load case. The strain distribution of the component was ob-

Table 1.  Load Cases Used in the FEA Loading.

Load Case Axial Load (N) Bending Load (N)

1 500 25
3 1500 75
5 2500 125
8 4000 200
10 5000 250
12 6000 300
15 7500 375
17 8500 425
20 10000 500 Figure 11.  ANN used to identify delamination (ANN1).
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served for each layer of the laminate. As the experimental 
test rig limited the loading in torsion, only axial and bend-
ing loading was used for the comparison with the experi-
mental results.

Figure 6 shows the deformed shape of the 3D model at 
the end of the analyses (loading step 20, Table 1).The strain 
distribution of the component was observed for each layer 
of the laminate. 

Figure 7 shows the stress concentrations in x direction 
(E11) in the adjacent layers, layers 4 and 5. The concen-
tration point has shifted slightly from layer 4 to layer 5 as 
shown in theFigure 7(a) and Figure8(b). Considering the 
mismatch in strain distribution, the stress concentration was 
identified as a potential point for damage initiation. 

Initially 13 locations (A to M) were selected as locations 
for FBG sensors, as shown in Figure 8. Reference source not 
found.8. Initial placement was arbitrary and strain readings 
from the top surface of each layer (1 to 16) were extracted. 
The total number of locations for FBG sensors was 208 (13 
× 16) in the beginning of the study. For an example, the nota-
tion “A1” provides the sensor in location “A”, layer 1. For 
the 20 loading steps, the strain reading in E11 direction were 
recorded.  

In the FEA model, rectangular elements, 10mm long and 
5 mm wide, were used as FBG sensors. Average top sur-
face strain in X direction (E11) is used as a representation 

Figure 14.  The fabrication of the specimen with embedded FBG sensors.

Figure 12.  Identification of delamination using ANN1. Figure 13.  Learning rate of the ANN with two sensor data (G9 and 
G11) and single sensor data (G9).

of strain calculated using the FBG sensors. Those simulated 
FBG readings were used to train the ANN.

After identifying the hot spot, in the next FEA model 
semicircular delamination was simulated in the “hot spot”.

MODELLING DELAMINATION IN THE  
HELICOPTER BLADE BASE STRUCTURE

For modelling purposes, the delamination used in this 
study was considered as “ideal delamination” with no fric-
tion between separated surfaces. In the simulation of delami-
nation, the contact surface of the top part was partitioned as 
shown in Figure 9(a). Only the partitioned semicircular sec-
tion (Figure 9(b)) was not connected to the bottom part, and 
the surface interaction was set to “friction less”.

Sensor G9 (which is the sensor in the location G and 
placed on top of layer 9) was used as the deteriorating sensor 
(obsolete sensor). 

ANALYSIS OF FEA DATA WITH AN ANN 

Extracted FEA data for E11 for all sensor locations for 
both models, first without delamination, and second with de-
lamination, were used as representations of FBG readings 
in each load case. Strain readings in the location G for with-
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out delamination and with delamination models are given in 
Figure 10(a) and Figure 10(b) respectively.

As illustrated in Figure 10, there was a clear effect on 
the strain reading at location G resulting from delamination. 
Sensor G9 is selected as the sensor for identification of de-
lamination in the model. The delamination is located in be-
tween layers 4 and 5. Sensor G9 was placed in layer 9, and 
hence,was reasonably located to sense the strain variation due 
to the damage. Strain needs to be transferred through layers 6, 
7 and 8 to layer 9. As illustrated in Figure 10, the strain level 
increased in layer 9, and in layer 11 the same strain levels de-
creased from the model with and without delamination.

IDENTIFICATION OF DELAMINATION USING 
FBG DATA GENERATED BY FEA

Generated FBG readings were used to identify the exis-

tence of delamination using an ANN1. In both the models, 
with delamination and without delamination, the data was 
extracted for each location (A to M) and each layer (1 to 16). 
But for the identification of delamination it was found that, 
even with a single sensor, the ANN could identify the delam-
ination accurately. For the identification of the delamination 
in this study, an ANNwith three hidden layers has been used. 
Hidden layers 1, 2 and 3 contain 20, 50 and 25 neurons, as 
shown in Figure 11 (ANN1). 

Figure 12 gives the ANN output and the actual existence 
of delamination. With sensor readings G9 and G11, the ANN 
predicted the existence of delamination in 1201 epoch.With 
sensor G9 only, it took 4878 epoch to identify delamination 
with 0.1% error. Figure 13 shows the learning rate of the 
ANN with two sensors and single sensor. 

From the study, it was shown that the identification of 
delamination is possible with even a single sensor in the 
modelling environment. It is also important to investigate 
the effect of losing an embedded sensor to the efficient func-
tionality of the damage detection mechanism. 

EXPERIMENTAL VALIDATION OF THE  
OPTIMISED SYSTEM 

Using the FEA analysed data and the ANN, the optimum 
number of sensors has been determined, as have the optimal 
sensor locations. With the results from the aforementioned 
study, an FRP specimen was fabricated with embedded FBG 

Figure 15.  Specimen with FBG sensors.

Figure 16.  Experimental setup.
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sensors in identified locations (G9, D13, E13, G13, H13, 
G11 and I13).

Fabrication of the Specimen

The structural component was fabricated with E glass 
fibre mats using epoxy resin. The laminate was fabricated 
with fibre orientation [0/0/90/90/–45/45/90/0]s, similar to 
the FEA model. The geometry of the specimen is illustrated 
in Figure 3. The woven fabric fibre layup is shown in the 
Figure 14(a). The locations of the FBG sensors were decided 
using the FEA analysis with the use of ANN1. The sensor G9 
was used as the sensor to identify the delamination. During 
the fabrication of the sample, seven FBG sensors, in locations 
G9, D13, E13, G13, H13, G11 and I13, were embedded.

Furthermore, simulated delamination was created in the 
specimen as shown in the Figure 14(b). The completed spec-
imen is shown in the Figure 15.

EXPERIMENTATION

The component was rigidly supported on one side as 
shown in Figure 16(a), and an axial load of 10kN and bend-

ing load of 500N were applied in 20 steps. The loading ar-
rangement is shown in the Figure 16(b). 

The FBG reading in each load case was decoded. The 
load cases are given in the Table 2. 

RESULTS AND DISCUSSION

The strain reading at each load case was recorded, and is 
shown in Figure 17. 

Figure 18 shows the comparison of FEA generated strain 
and recorded strain for sensor G9. The predictions for the 
other sensors showed similar accuracy.

Subsequently, the sensor G9 was disconnected and the 
other sensor readings were used to predict the G9 reading. 
Similarly, as in the case previously discussed, the FBG read-
ings for sensors D13, E13, G13, H13, G11 and I13, were 
used with an ANN to predict the sensor G9 as shown in the 

Figure 17.  Strain readings for 20 loading steps.

Figure 18.  Comparison of FEA results with FBG readings for sen-
sor G9. Figure 19.  ANN used to predict sensor G9 (ANN2).

Table 2.  Load Cases for the Loading of the 
Component.

Load Case Axial Load Bending Load

1 500N 25N
5 2500N 125N
10 5000N 250N
15 7500N 375N
20 10000N 500N
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Figure 20.  Training rate of the ANN.

Figure 19. The ANN (ANN2) used six input neurons and one 
output neuron. Three hidden layers, 1, 2, and 3, were used 
with 20, 50 and 25 neurons respectively. 

The ANN predicted the sensor G9 with 0.1% accuracy 
after 13719 epoch as shown in the Figure 20. 

The optimum number of sensors required to identify po-
tential damage in a composite structure was considered. A 
complete FEA model was used to identify the sensor loca-
tions, to efficiently detect a defect. With the results, number 
and locations of the FBG sensors obtained from the model-
ling environment, an FRP sample was fabricated with em-
bedded FBG sensors. The FRP sample was loaded and the 
FBG results were used with the ANN for prediction of ob-
solete sensor. 

Compared to the training epoch 9236 obtained from the 
FEA data, the experimental data took 13719 epoch to predict 
the obsolete sensor with 0.1% accuracy. 

CONCLUSIONS 

A process for setting up an optimized FBG sensor net-
work in a FRP structure was proposed using FEA modelling 
and ANNs. As a case study, the FBG sensor network in the 
root of a helicopter blade was investigated. The optimised 
FBG sensor network was fabricated into a FRP composite 
helicopter blade structure. The performance of the FBG net-
work was found to be excellent. 

Furthermore, the case of a lost critical FBG sensor from 
an optimised network while in operation was investigated. 
It was found that the operational data acquired from the 
FBG network while the obsolete sensor was in operation, 
can be used with an ANN to estimate the obsolete sensor. 
Hence, it was found that the use of an ANN for managing 
FBG sensor networks and post-processing FBG sensor net-
work data, increases the efficiency and robustness of the 
SHM system.
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Hybrid Thin Film Lithium Ion-Graphite Composite Battery Laminates: 
An Experimental Quasi-static Characterization

FEDERICO GASCO* and PAOLO FERABOLI

Department of Aeronautics & Astronautics, University of Washington, Box 352400, Seattle, WA, 98195-2400, USA

1. INTRODUCTION

The consolidation of batteries and airframe into a mul-
tifunctional structure can theoretically reduce the aircraft 
weight by exploiting the battery components as load bearing 
elements, by eliminating batteries supports and by enabling 
distributed power supply and storage, potentially reducing 
the amount of wiring. Currently sought-after for unmanned 
aerial vehicles (UAV), this design solution could lead to a 
significant improvement of the flight endurance of electri-
cal propeller-driven aircraft [1,2]. To realize this vision, new 
constituents and a novel design of the composite material 
system have to be developed to enable simultaneous electri-
cal energy storage and mechanical load bearing capabilities.

Research on lithium-polymer (Li-Po) batteries showed 
that elastic moduli and strengths of mechanically reinforced 
batteries as high as 1.02 GPa and 3.9 MPa respectively can 
be achieved, retaining a specific electrical energy of 160 
Wh/kg [3,4]. These pioneering works proved the capability 
of the multifunctional airframe concept for a micro-UAV. 
However the lack of stiffness of the battery packaging [4], 

as well as the plasticized state of the relatively thick organic 
polymer electrolyte [5], compromises the mechanical prop-
erties of the current Li-Po technology. Furthermore today’s 
available electrode materials, consisting of lithium interca-
lation compounds, are such that high specific energy and 
specific power, as well as good mechanical properties can-
not be achieved [3,4,6,7]. In [6] a battery with an equivalent 
Young’s modulus of 3.1 GPa was developed, whereas the 
specific energy dropped to 35 Wh/kg. The causes of the low 
electrochemical performance were the insufficient electrical 
capacity of the carbon nano-fiber reinforced lithium transi-
tion metal oxide cathode and the low ionic conductivity of 
the solid state polymer electrolyte. These multifunctional 
composites can lead to a system improvement for appli-
cations with either low mechanical or electrical demands. 
However, mechanical and electrical performances have to be 
simultaneously increased in order to fulfill the high specific 
modulus and strength, as well as the high specific electri-
cal energy and power, required by a lightweight airborne 
application. The literature review gives evidence that im-
provements are needed not only in the multifunctional per-
formance of the electrolyte and the electrodes, but also in the 
mechanical design of the composite structure. 

Organic polymer electrolytes with engineered mechanical 
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ABSTRACT

The concept of a multifunctional laminated composite airframe material for load bear-
ing and electrical energy storage is proposed. The laminated structure is comprised 
of integrated solid state thin film lithium-ion batteries and carbon fiber/epoxy laminae. 
Mechanical and electromechanical tests were conducted in order to characterize the 
stress-strain field and determine the operational envelope of the hybrid laminate featur-
ing the current thin film battery technology. The limits of applicability of classical analy-
sis methods in mechanics of composite materials were assessed and several critical 
failure modes were determined to support the design of the next generation of airborne 
structural thin film batteries.
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properties have been studied for three decades as solid state 
electrolytes [5]. Their ionic conductivity is still inadequate 
to deliver the power density required by most conventional 
applications, explaining why they are exclusively employed 
in a gel state obtained by plasticizing them with the addi-
tion of liquid electrolytes, as confirmed by the most recent 
studies, like [8]. Notably in [9–11] the effects of constituents 
concentration and glass transition temperature, polymers 
chemistry and architecture on the electrolyte multifunctional 
properties were thoroughly investigated by synthesizing and 
analyzing a large variety of vinyl ester-based solid electro-
lytes and epoxy-based gel electrolytes. The study demon-
strated and characterized the inverse correlation between 
ionic conductivity and elastic modulus, but it also showed 
a promising trend of increased multifunctional performance, 
with conductivities approaching the values required for thin 
film batteries. 

Cathode materials are the limiting factor in today’s bat-
tery systems in terms of specific capacity and specific power, 
due to their low rate of ionic diffusion and electronic con-
ductivity. For this reason they typically have to be mixed 
with electrically conductive diluents [12,13]. Adding a large 
quantity of structural binder to the mixture, as needed to ac-
complish the load bearing function, causes the specific and 
volumetric electrochemical performances to drop even more. 
This is particularly undesirable for aeronautical applications.

The development of a structural anode seems to be a rel-
atively easier task because available anode bulk materials 
have an intrinsically higher specific capacity than cathode 
materials. Above all are silicon and graphite, the latter being 
not only an intercalation material for lithium ions, but also 
an electrically conductive and structural material [7].

In order to meet the requirements for the next generation 
of airborne load bearing batteries, solid state thin film Li-
ion batteries (TFB) with nanostructured electrodes were re-
cently proposed [8,14–25], Figure 1. The thin film structure 
maximizes the specific contact surface between electrodes 

and electrolyte, thereby increasing the stored energy and 
power per unit mass by increasing the fraction of reactants 
and the rate of the electrochemical reaction respectively. In 
fact, downsizing the electrodes and electrolyte to a thin film 
dramatically reduces the path length for ionic and electronic 
transport, allowing to achieve the desired conductivity with-
out utilizing diluents or micro-porous compounds [5,14].

Scalable manufacturing processes for nanostructured 
materials, such as electrospinning, chemical vapor deposi-
tion (CVD), atomic layer deposition (ALD) and others are 
suitable for TFB manufacturing. The future application of 
nano-scale technology to the electrode materials can poten-
tially lead to several advantages. First, it enables further in-
crease of TFB specific energy and power by decreasing the 
path length of Li-ion and electronic transportation, allowing 
full exploitation of the theoretical electrical capacity of the 
materials [14–18]. It can also implement energy storage and 
load bearing multifunctionality more efficiently than bulk 
materials, through engineered nanocomposites comprised of 
electrochemically active nanostructures bound by an elec-
trically conductive reinforced composite. Lastly, nanostruc-
tured materials allow better accommodation of the cycling 
strain induced by the mechanical boundary conditions and 
by Li-ion insertion and removal. The latter is a known cause 
for low durability and capacity fading of electrode materials, 
in particular for silicon, which provides the highest capac-
ity among the known anode materials [15,19–21]. However, 
nanostructured electrodes are not technology ready. Al-
though several of such cathode materials were synthesized 
from lithium transition metal oxides, vanadium or manga-
nese oxides and transition metal phosphates [14,17,18], as 
well as anode materials from silicon and graphite [8,15,16], 
none of them are commercially available. The reason is the 
complex synthesis, the low packing of particles and the oc-
currence of undesirable reactions with the electrolyte that 
undermines durability. 

Finally, all the battery materials have to be solid state 

Figure 1.  Cross-sectional schematic of a next generation all-solid state thin film Li-ion battery (TFB). Typical thicknesses are indicated. Envi-
sioned design is based on current research status on nanostructured electrode materials.
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to ensure three-dimensional continuity of the load path at 
any point within the structure, as the presence of disconti-
nuities, such as porosity, voids or delaminations, is a major 
threat for the mechanical integrity of a composite laminate. 
Solid state batteries also ensure higher safety since they do 
not leak hazardous chemicals if a mechanical failure of the 
packaging occurs. In addition, the solid state electrolyte is 
also not combustible and does not suffer from thermal run-
away, which can cause explosion of conventional lithium-
ion prismatic batteries. Besides, a liquid electrolyte would 
not allow the manufacturing of a thin film cell because of its 
liquid surface tension and because of the need of a porous 
separator between the electrodes to avoid electrical shorting.

The low TFB thickness, typically less than 300 µm, fa-
cilitates the integration within thin sections and laminated 
composite structures, but it also implies that a significant 
weight fraction of the battery is constituted by the packaging 
layers. The simplest configuration of the battery packaging 
is comprised of three layers, Figure 1: a lower substrate pro-
vides mechanical support for the in-situ deposition process 
of the electrochemical cell components; a sealant layer en-
sures that the highly reactive and hygroscopic cell materials 
are sealed; an upper substrate provides an almost symmetric 
stacking sequence. Such a casing allows safe processing and 
lasting operation of the TFB outside of the deposition cham-
ber, while providing in-plane strength and stiffness to the 
battery lamina.

The integration of TFBs and structural composite lam-
inae, such as carbon fiber/epoxy (CFRP) plies, into a hy-
brid thin film lithium ion-graphite composite battery (TFB-
CFRP) laminate poses manufacturing and design challenges. 
The compatibility of the commercial state-of-the-art TFB 
cell to the epoxy based composite curing pressures and 
temperatures was previously assessed by the authors. This 
electrochemical cell was comprised of a nanocrystalline 
lithium cobalt oxide (LiCoO2) cathode, a ceramic LiPON 
(Li2.9PO3.3N0.46) electrolyte and a metallic lithium (Li) an-

ode, Figure 2 and Figure 3. The study, which is published 
separately, successfully determined the cure cycle and the 
TFB charge level that prevented the physiochemical degra-
dation of the electrochemically active materials due to the 
high temperature exposure and preserved the full electrical 
functionality.

The multifunctioinal design of the battery packaging to 
achieve integrity of the electrochemical cell as well as effi-
cient structural capability has never been investigated. Such 
a design is an enabling technology for the structural battery 
concept. The preliminary step is to characterize the stress-
strain field and the electromechanical failure modes of the 
TFB-CFRP laminate under loading. Whether the TFB is em-
bedded within the CFRP sub-laminate, Figure 4(a), or ex-
ternally bonded onto its surface, Figure 4(b), a three-dimen-
sional stress-strain field has to be considered because of the 
lay-up transition at the battery ends, as well as of the highly 
inhomogeneous mechanical properties of the material layers 
involved. Applicable failure modes include ply failure, dis-
bonding, mixed-mode delamination at multiple bi-material 
interfaces and delamination buckling. Any of these mechani-

Figure 3.  Cross-sectional schematic of the commercially available TFB showed in Figure 2.

Figure 2.  Perspective photo of all-solid state thin film Li-ion battery 
with dimensions. Manufactured by FrontEdge Technology Inc.
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cal failures can lead to the electrical failure by introducing 
an electrical discontinuity, an electrical short or a path for 
air and moisture through the battery packaging, leading to 
contamination of the electrochemically active materials. 

Research conducted in [22,23] showed that the afore-
mentioned commercial TFB was capable to operate up to a 
radius of curvature of 181 mm [22] and under out-of-plane 
pressures as high as 830 kPa [23] without any detrimental 
effects on the electrochemical performance. The same TFB 
type was successfully embedded in a CFRP laminate and 
electrochemically characterized under uniaxial mechanical 
tension. The study focused on the laminate residual mechan-
ical strength and stiffness, which was not penalized by the 
presence of the TFB embedded at the laminate mid-plane. 
On the other hand the TFB electrical failure, which consisted 
of an irreversible and complete loss of capacity, occurred 
prematurely at about 50% of the laminate mechanical fail-
ure strain [24,25]. These electromechanical tests proved that 
the mechanical boundary conditions have no effect on the 
electrochemical performance up to a sudden electrical fail-
ure. This was confirmed by the multi-physics finite element 
analysis developed by [21]. The finding implies that the sud-
den electrical failure is caused by a mechanical failure, such 
as the failure of the packaging layers, with subsequent cell 
contamination or tearing, or by cracking of the electrodes or 
the electrolyte. 

To date, neither the stress-strain field nor the mechani-
cal failure modes have been characterized for basic loading 
conditions. This fundamental knowledge is required in order 
to prove the functionality and assess the benefits of an opti-
mized TFB-CFRP system, which includes a battery packag-
ing specifically designed for this multifunctional application. 
Unlike standard flexible electronics, the packaging has to be 
physically and chemically compatible with the TFB deposi-
tion and annealing process, as well as highly performing in 

terms of specific modulus and specific strength, and capable 
of ensuring sealing integrity when subjected to severe stress. 

Taking advantage of the highest specific energy on the 
market, currently available TFBs used as structural elements 
could theoretically reduce the weight of certain aircraft types 
even without relying on load bearing electrodes, provided 
that the packaging possesses mechanical properties compa-
rable to airframe structural materials. Hence the structural 
efficiency of substrate and sealant becomes a determining 
factor of success.

In order to clarify the concept we analyzed the weight 
reduction obtained by replacing the energy storage system 
of a propeller aircraft with a structural TFB system. The 
weight of the original propulsion system, based on an elec-
tric engine or an internal combustion engine, is assumed 
to be the same as an equivalent electric propulsion system. 
It is important to note that this assumption is applicable to 
reciprocating and small turbine engines, but it is not valid 
for turbofan cores, which have a higher energy density than 
any currently available electric motor [26]. The new aircraft 
weight W* is given by

W W W WF B TFB
* = - +/

where W is the original gross weight at takeoff, WF/B is the 
weight of the fuel WF or of the original batteries WB and WTFB 
is the weight of the TFB active components required to pow-
er the aircraft. For preliminary calculation purposes, it is as-
sumed that the packaging has the same specific strength and 
specific modulus as the airframe materials being replaced. 
This permits omitting its weight from the above equation.

The new battery weight WTFB is equal to the total pro-
pulsion energy required for the new aircraft configuration to 
complete a mission, ES

* ,  divided by the product of the TFB 
energy density, e, and the efficiency of the new electric mo-

Figure 4.  Hybrid thin film lithium ion-graphite composite battery (TFB-CFRP) laminate configurations: thin film battery (a) embedded within the 
carbon fiber /epoxy laminate, or (b) bonded onto the laminate surface.

(1)
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tor, ηM. The new mission energy, ES
*  is therefore defined as 

the energy delivered by the engine and is equivalent to the 
total drag of the new configuration multiplied by the flight 
range and divided by the propeller efficiency. For an elec-
tric aircraft, ES

*  is related to the total mission energy of the 
original configuration ES as follows

E E W
WS S

*
*

=

The above equation can be derived by assuming that the 
mission is comprised of a steady level flight only, and that 
cruise speed, aerodynamic efficiency and propeller efficien-
cy of the new configuration are equal to the original configu-
ration. Through algebraic substitution we obtain

W
W

W
W
E
e

B

S

M

*
=

-

-

1

1
η

For an aircraft equipped with an internal combustion en-
gine a similar equation can be derived with the additional 
assumptions that the rate of fuel consumption and the aero-
dynamic efficiency remain constant throughout the flight

W
W
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e
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-
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Empirical data from different aircraft categories were av-
eraged in order to calculate the nondimensional groups of 
aircraft weights in Equations (3) and (4). The data are sum-
marized in Table 1. The electric motor efficiency, ηM, was 
assumed equal to 0.95. To calculate the mission energy, ES, 
the original flat rated engine power was multiplied by the 
maximum range and divided by the cruise speed, thereby 
neglecting takeoff and landing. The resulting semi-empirical 
curves for the weight change ratio are plotted in Figure 5 at 
increasing TFB energy densities, starting from the today’s 
available energy density of 353 Wh/kg. The white plot area 
identifies the aircraft configurations that benefit from weight 
saving. The grey plot area indicates weight increase. The 
model shows that weight saving could be currently achieved 
for electric aircraft such as High Altitude Long Endurance 
(HALE), mini-UAV and motor gliders. For aircraft char-
acterized by higher mission energy per unit mass, such as 
UAVs with internal combustion engines and general avia-
tion, further improvement in specific energy is required. 
However, a battery packaging with the assumed structural 
efficiency is not technology ready and its mechanical perfor-
mance requirements have to be assessed. 

The objective of this paper is to introduce the concept 
of hybrid TFB-CFRP laminate and to experimentally char-
acterize the stress-strain field and failure mechanism of the 
multifunctional laminate subjected to uniaxial strain, single 
curvature and a combination of the two. This work is intend-
ed to support the future development of damage initiation 
and propagation analyses finalized to the optimization of 
the TFB packaging design. In this perspective, experimental 
data was required for determining the critical failure modes 
to be considered and for validating such analysis methods. 
The research also aims at providing a performance envelope 
for the current TFB technology that could be used as a base-
line for the next generation of airborne thin film structural 
batteries.

2.  METHODOLOGY

A commercially available TFB was utilized to manufac-
ture TFB-CFRP laminates. The chemistry of the selected bat-
tery, as well as its manufacturing process, is representative 
of the commercial state-of-the-art that is currently adopted 
by all the manufacturers of solid state thin film lithium-ion 
batteries. The TFB selected for this study, Figure 2, was 
deemed the most suitable for this application because of the 
simplicity of the three-layer design and high stiffness of the 
packaging. Two laminate configurations were considered. 
The first was comprised of a TFB embedded at the laminate 
mid-plane and co-bonded within the CFRP sub-laminate, 
Figure 4(a). The second was the secondary bonding of the 
TFB onto the surface of a pre-cured CFRP sub-laminate, 
Figure 4(b). 

Table 1.  Aircraft Weight and Power Plant Energy 
Characteristics Utilized to Feed the Semi-empirical 

Weight Prediction Model Shown in Figure 5.

Aircraft
ES 

[kWh]
W 

[kg]
WF/B
[kg]

ES/W
[kWh/kg]

Pipistrel Taurus Electro G21 7.17 472.50 101.00 0.015
NASA Helios2,3 21.00 929.00 148.75 0.023
AeroVironment RQ-11 
Raven4 0.11 1.90 0.46 0.056
Solar Impulse5 120.00 2000.00 450.00 0.060
AAI RQ-7A Shadow4 34.25 154.00 23.10 0.222
AAI Shadow 4004 73.47 201.00 68.40 0.366
Cessna 172R5 565.51 1111.00 144.00 0.509
General Atomics RQ-1 
Predator4 7680.4 1020.00 295.00 0.753
Pilatus PC-125 4187.09 4740.00 1226.00 0.883
Piaggio P-1805 5291.84 5488.00 1271.00 0.964

1http://www.pipistrel.si/plane/taurus-electro/technical-data.
2http://www.nasa.gov/centers/dryden/news/FactSheets/FS-068-DFRC.html.
3Saft LO 26 SHX battery data sheet.
4Jane's Unmanned Aerial Vehicles and Targets, Issue thirty, May 2008.
5Jane's All the World's Aircraft 2010–2011.

(2)

(3)

(4)
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Mechanical tests were conducted in order to measure 
the stress-strain field under uniaxial loading and assess the 
applicability of classical analysis methods in mechanics 
of composite materials. Disbonding, delamination charac-
teristics and laminate mechanical failure modes were also 
assessed in order determine the weakest link and critical 
properties that lead to mechanical failure. The cyclic TFB 
thickness variation due to the migration of the lithium ions 
during battery charge and discharge, which could generate 
interlaminar normal stress in the laminate, was also experi-
mentally measured. Finally, an electrochemical character-
ization under mechanical loading was performed in order to 
determine the strain and curvature at electrical failure.

2.1.  Materials

The TFBs utilized in this research are manufactured by 
FrontEdge Technology under license from the Oak Ridge 
National Laboratory (ORNL), Figure 2. Chemistry and 
thicknesses of the cell components are summarized in Fig-
ure 3. The active components are encased by two 50 µm 
thick muscovite substrates bound by a thermoplastic layer 
of Surlyn sealant, leading to a total thickness of 150 µm. 
The battery is a 25.4 mm square with a nominal voltage of 
4.2V, and a nominal capacity of 1 mAh. The energy density 
measured by the authors with respect to the mass of active 
components is 353 Wh/kg, which drops to 22 Wh/kg with 
packaging weight included. Experimental characterizations 
of the same battery under mechanical loading were per-
formed by [22–25]. 

The electrochemically active components of the battery 
are grown by a sequence of different physical vapor depo-
sition (PVD) processes performed in-situ on the substrate. 
The need of annealing the cathode at temperatures of 300°C 
or higher to increase the ionic conductivity requires dimen-
sional stability of the substrate material at those tempera-
tures in order to avoid cracking, disbonding or undesired 
crystalline orientation of the cathode due to thermal stresses. 
Chemical stability is also important in order to avoid releas-
ing contaminants in the controlled atmosphere of the deposi-
tion chamber. All these requirements have to be considered 
for the selection of a substrate material. The manufacturing 
process was discussed in detail in [27–31]. 

The active components are highly reactive with N2 [27], 
O2 [28] and H2O [32], therefore the TFB has to be hermeti-
cally sealed. A failure of the sealant or substrate during man-
ufacturing or operation of the TFB-CFRP leads to the failure 
of the battery by compromising its ability to store energy. 
The electrical capacity loss can be almost instantaneous or 
can fade progressively, depending on the flow rate of con-
taminants entering the battery. Since the CFRP material is 
hygroscopic, this failure mode applies to the embedded TFB 
configuration as well. 

Mechanical properties of muscovite and Surlyn are listed 
in Table 2. The first is a crystalline mineral whose crystallo-
graphic structure is comprised of 1 nm thick layers separated 
by perfect basal cleavages. This characteristic determines 
low fracture toughness against cracks that are planar with 
the battery. On the other hand it can be considered quasi-
isotropic in the battery plane [33] with an elastic modulus 

Figure 5.  Predicted gross weight of aircraft equipped with TFB energy storage system (W*) normalized by the original gross weight at takeoff 
(W), plotted as a function of the original specific mission energy. Semi-empirical curves [as per Equations (3) and (4) and averaged data from 
Table 1] plotted at increasing TFB specific energies (e).
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of 178 GPa, which is in the range of intermediate modulus 
CFRP materials. Surlyn is a high toughness thermoplastic 
polymer with a melting temperature of 98°C. A compatibil-
ity study to the composite curing process revealed that in 
some batteries the Surlyn layer is affected by long strands of 

bubbles along the edges of the active components, and that 
during curing of the TFB-CFRP laminate bubbles diffused 
within the sealant layer and coalesced into a disbonded front, 
Figure 6. These defects could potentially cause delamination 
onset within the battery packaging, Figure 7.

Figure 6.  Micrographs of a TFB after processing at 121°C for one hour under vacuum bag (–711 mmHg) showing sealant bubbling and a dis-
bonded front along the edge of the active components.

Table 2.  Relevant Mechanical Properties of Materials.

Property Symbol Muscovite1 Surlyn IM7/977-32 AF 163-23

Tensile modulus of elasticity [GPa]
E1 1784 0.285 162 1.10
E2 1784 0.285 8.34 1.10

Shear modulus of elasticity [GPa] G12 70.74 0.116 4.96 0.41

Poisson’s ratio ν12 0.267 0.38 0.34 0.34

Strain to tension failure [%] ε1
TU unkn. 8.005 1.46 unkn.

Mode I fracture toughness [J/m2]
ε2
TU

unkn. 8.005 0.77 unkn.
GIC 1.309 120010 316 3682

1Average in-plane properties in the plane parallel to the basal cleavage, which coincides with the battery plane.
2Cytec IM7/977-3 data sheet.
33M Scotch-Weld Structural Adhesive Film AF 163-2 data sheet.
4McNeil et al., J Phys.: Condens. Matter 5, 1681 (1993).
5Yield strain, ref. NCAR Report FRB-4 (1965).
6Calculated assuming isotropy and ? = 0.3.
7Calculated assuming isotropy in the battery plane.
8Assumed.
9Hill et al., Int. J. Fracture 119/120, 365 (2003).
10Compston et al., J Mater. Sci. lett. 20, 509 (2001).
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Figure 7.  Cross-sectional schematic of the TFB with locations of disbonded areas, as shown in Figure 6, highlighted with dotted lines.

The TFB-CFRP laminates were cured by heated press 
molding of IM7/977-3 prepreg tape materials at 132°C and 
590 kPa, with a cure time of two hours. In the case of em-
bedded TFB, the battery was laminated within the prepreg 
material prior to curing and without the addition of adhesive 
film (AF). For the externally bonded TFB configuration, the 
CFRP laminate was pre-cured with the same process and the 
battery was subsequently bonded using one layer of epoxy 
adhesive film 3M AF163-2 cured for 1.5 hours at 121°C in 
the vacuum bag. These cure cycles were validated by the 
authors in order to retain the full functionality of the battery. 
The mechanical properties for the carbon/epoxy material 
and the adhesive film are listed in Table 2.

For the electromechanical characterization of the TFB-
CFRP laminate, the battery was connected to the test-
ing circuit through flat flexible cables (FFC), Nicomatic 
254PW01E6095 polyester coated single copper conductor. 
The FFCs weree 0.25 mm thick and 5.12 mm wide. They 
were connected to the TFB leads using MG Chemicals sil-
ver conductive epoxy 8331-14G. For the embedded battery 
configuration they were laminated within the CFRP at the 
laminate mid-plane.

Unlike previous studies [24,25], the battery was not en-
cased within a pre-cured polymeric case, but silicone con-
formal coating MG Chemicals 422-55 was applied on the 
exposed leads only, Figure 2, to insulate the connections and 
prevent electrical shorting with carbon fibers.

2.2.  Experimental

The experimental campaign was comprised of five test 
types: double cantilever beam (DCB); uniaxial mechanical 
tension; battery thickness variation occurring during charge/

discharge cycling; uniaxial mechanical tension with battery 
capacity monitoring and four point bending with battery 
capacity monitoring, Table 3 The battery thickness varia-
tion test setup and procedure were conceived ad hoc since 
a test standard is not available. The remaining tests adopted 
ASTM standard methods for reinforced plastics modified to 
cope with the multifunctional system. 

The specimens for DCB test were 25.4 mm wide, which 
is equal to the TFB width, and 304.8 mm long. Tests were 
conducted according to the ASTM standard [34]. Three base-
line specimens, comprised of thirty plies oriented at 0° for a 
laminate thickness of 3.8 mm, were tested to determine the 
mode I fracture toughness GIC of the CFRP material. Three 
additional specimens with a TFB embedded at the laminate 
mid-plane were then tested. These specimens featured a bat-
tery embedded at specimen mid-span, leading to the staking 
sequence (030) away from the battery and (015/TFB/015) at 
battery location. The crack was started from the loaded end 
of the specimen, at the laminate mid-plane, and propagated 
towards the TFB. A precrack was induced so that a delami-
nation was visually observed on the edge of the specimen 
before staring the test. The objective was to determine the 
GIC and the crack propagation path. The GIC was calculated 
by dividing the total strain energy released during the test by 
the final crack surface measured from the tip of the precrack.

Uniaxial mechanical tension tests with full-field strain 
monitoring were performed in order to characterize the 
stress-strain field for different laminate lay-ups. The pro-
cedure complies with the standard ASTM test [35], except 
for an increased specimen width of 76.2 mm, Figure 8. This 
modification was introduced to minimize the interaction be-
tween the edge effect and the stress-strain gradient caused 
by the TFB, which was located at the center of the speci-

Figure 8.  Uniaxial mechanical tension test specimen with embedded TFB at laminate mid-plane. Laminate stacking sequence is (0/45/90/–45/
TFB/–45/90/45/0).
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men. A total of three lay-ups with embedded battery were 
investigated: a 4-ply cross-ply laminate, a 4-ply unidirec-
tional laminate tested along the 0° direction and an 8-ply 
quasi-isotropic laminate. The embedding method adopted 
throughout this study is referred to as interlaminar embed-
ding, since it consisted of enclosing the battery in the space 
between two plies, as opposed to enclosing it into a ply cut-
out. This design avoided sharp stress-strain gradients to arise 
at the battery edges, although it led to resin pockets at the 
TFB ends, Figure 9. The applied strain was increased only 
up to a far-field strain of approximately 3000 µstrain in order 
to observe the elastic behavior. The failure behavior for this 
laminate configuration was already reported in [24,25]. 

Two additional 8-ply lay-ups with an externally bonded 
TFB were tested in uniaxial tension: a unidirectional lami-
nate tested along the 0° direction and a quasi-isotropic 

laminate. Their stacking sequences at battery location were 
(08/AF/TFB) and [(0/45/90/–45)S/AF/TFB] respectively. A 
specimen with an externally bonded battery is shown in Fig-
ure 10. The test procedure was the same as for the embedded 
TFB configuration, but the applied load was increased up to 
failure in order to investigate the elastic stress-strain field as 
well as the failure mode.

For all the uniaxial mechanical tension tests a digital 
image correlation (DIC) technique was adopted to moni-
tor the surface strain of the specimen. To avoid using FFCs 
that would alter the strain field or interfere with the optical 
measurement technique, the electrical response of the TFB-
CFRP laminate under loading was investigated separately.

Contrary to the common perception that their thickness 
remains constant, the lithium ion batteries expand during 
charge and contract during discharge. This thickness, thus 

Table 3.  Summary of Tests.

Test Description Lay-ups Repetitions

Double cantilever beam (DCB)
(030) 3

(015/TFB/015) 3

Uniaxial mechanical tension with full-field strain monitoring

(0/90/TFB/90/0) 1

(02/TFB/02) 1
(0/45/90/–45/TFB/–45/90/45/0) 1

[(0/45/90/–45)S/AF/TFB] 1
(08/AF/TFB) 1

TFB thickness variation during charge/discharge cycling TFB alone 1

Uniaxial mechanical tension with TFB capacity monitoring [0/45/90/–45/TFB/–45/90/45/0] 2

Four point bending with TFB capacity monitoring

[(0/45/90/–45)3/TFB/(–45/90/45/0)3] 2

[(0/45/90/–45)3S/AF/TFB] 2
[TFB/AF/(–45/90/45/0)3S] 2

Figure 9.  Micrograph of quasi-isotropic laminate with TFB embedded at laminate mid-plane. Laminate stacking sequence is (0/45/90/–45/
TFB/–45/90/45/0).
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volume, change is caused by lithium ion intercalation into 
host electrode materials. Since the TFB has a metallic lith-
ium anode instead of an intercalation compound, the thick-
ness increase is attributed to the plating of lithium at the 
anode during the charging process. The DIC was employed 
for monitoring the thickness increase of one TFB alone dur-
ing a full electric charge process. A full charge/discharge 
cycle was performed before the test in order to condition 
the battery. Discharge was operated under a constant resis-
tive load of 3.8 kΩ, which led to an average discharge rate 
of 1C (i.e. 1 ma discharge current). Charge took place at a 
constant voltage of 4.2 V. The battery was considered fully 
discharged when the voltage reached 3 V, the lower limit 
to avoid overdischarge, while full charge was reached when 
the current dropped below 50 µA. The DIC measured the 
out-of-plane displacement of the TFB outer surface at anode 
side with time intervals of 2 minutes, starting from the fully 
discharged state, which was taken as the reference state. 
Therefore the displacement field corresponding to the fully 
charged state was equal to the maximum thickness increase. 
The TFB temperature was monitored for the entire duration 
of the test with an infrared (IR) camera with ±1°C accuracy. 

Lastly, an electrochemical characterization of the TFB-
CFRP laminate subjected to uniaxial tension and flexure was 
conducted. The purpose was to assess the operational enve-
lope and to determine the interaction between electrical and 
mechanical failure modes, where electrical failure was the 
partial or total capacity loss. Two specimens with a stack-
ing sequence (0/45/90/–45/TFB/–45/90/45/0) were tested up 
to failure through uniaxial mechanical tension. The selected 
laminate lay-up showed the best correlation between experi-
mentally measured and calculated strain field in the mechan-
ical tests, thereby increasing the degree of confidence for 
the calculation of the strain at failure. The dimensions of the 
specimens matched those of the previously described me-
chanical tension tests, but in this case FFCs were connected 
to the battery and laminated within the CFRP plies. Figure 11 
shows the cables exiting from the laminate and connecting to 
the charge/discharge circuit (not shown) to allow for capacity 

monitoring. The discharge or charge capacity was calculated 
by numerically integrating the discharge or charge current 
over time. The procedure and characteristics of the charge and 
discharge circuit were as previously described. 

For the mechanical tension tests with capacity monitor-
ing, constant strain intervals of increasing magnitude were 
applied until failure, where the duration of an interval cor-
responded to the time required to perform a full discharge 
followed by a full charge for capacity measurement under 

Figure 10.  Uniaxial mechanical tension specimen with externally bonded TFB. Laminate stacking sequence at battery is [(0/45/90/–45)S/AF/
TFB].

Figure 11.  Electromechanical uniaxial tension test setup showing 
the hybrid TFB/graphite laminate specimen clamped by the grips 
of test frame. Laminate stacking sequence is (0/45/90/–45/TFB/ 
–45/90/45/0).
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constant strain. Load was released after each strain interval 
and capacity was measured again at zero strain. The far-field 
strain was measured by an extensometer, Figure 11, for con-
trol and data acquisition, while the strain at failure location 
was calculated using the analysis methods described in the 
following section.

Similarly, four point bending tests were conducted on 
laminates with embedded or externally bonded battery con-
figurations, Figure 12. While in the first configuration the 
TFB was subjected to pure curvature, the second led to cur-
vature and compressive or tensile in-plane strain depending 
on which side of the specimen the TFB was bonded on. The 
width of the specimen was always 76.2 mm, while the sup-
port span to thickness ratio was initially set to 60:1 with a 
support span of 180 mm and a loading span of 90 mm. The 
laminate stacking sequences were [(0/45/90/–45)3/TFB/
(–45/90/45/0)3], [(0/45/90/–45)3S/AF/TFB] and [TFB/AF/
(–45/90/45/0)3S]. For the embedded battery configuration, 
a stacking sequence (0/90/TFB/90/0) was also tested with 
an increased span-to-thickness ratio of 145:1. Support and 
loading span were 72.5 mm and 36.5 mm respectively. This 
modified setup, which does not comply with the ASTM stan-
dard [36], was designed for applying higher curvatures to 
the battery without experiencing mechanical failure of the 
laminate. The same load-hold load-unload procedure with 
increasing curvature intervals was adopted, but in this case 
the test was conducted under displacement control. The cur-
vature applied by a given displacement of the test frame was 
calculated through integration of the elastic line equation. 
Small deformations, normality condition of the sections and 
uniform bending stiffness were assumed. The uniformity of 
the bending stiffness is applicable only if the presence of 
the battery does not significantly change the section iner-
tia of the CFRP laminate. The far-field strain applied to the 
battery was then calculated by multiplying the curvature by 
half the CFRP laminate thickness. The curvature is reported 
in the results section as the radius of curvature, which was 
assumed equal to the inverse of the curvature.

2.3.  Analysis

Classical laminate theory (CLT), finite element analysis 
(FEA) and a closed form elasticity solution of the TFB-
CFRP laminate were utilized to interpret the experimental 
results and calculate the strain at failure. These methods were 
validated by comparing their results with the experimentally 
measured elastic strain field from the uniaxial mechanical 
tension tests. Given the applied far-field strain ε0, the strain 
field at the center of the specimen, which was affected by 
the presence of the TFB, was calculated and compared to the 
surface strain field measured by the DIC.

The first analysis method used CLT to calculate the ap-
parent modulus of elasticity in the x-direction at a point 
away from the battery, where the laminate was comprised of 
the CFRP layers only, and at the battery location. The model 
accounted for the stiffness of the battery substrate, sealant 
and the adhesive film. The x-direction was defined as the 
loading direction. The laminate strain at the battery was then 
calculated by multiplying the far-field strain by the ratio of 
the two moduli multiplied by their respective thicknesses. 
The results obtained with this method are identified in the 
results section with the acronym CLT. 

At specimen mid-span, the section was not constant 
across the width due to the presence of the battery. In or-
der to account for the resulting stress redistribution, which 
was ignored by the first analysis method, a second analysis 
method that employs a linear finite element solution with 
NX Nastran SOL101 was developed. FEA also accounted 
for the extension-bending coupling caused by the laminate 
asymmetry. The entire specimen was modeled with linear 
shell elements (CQUAD4) and a mesh size of 1.524 mm that 
matched the DIC resolution. The element formulation used 
the CLT for computing element stiffness and outputs, there-
fore plane stress and uniform strain through-the-thickness 
were assumed. The desired far-field strain was applied by an 
enforced nodal displacement at the loaded end. The trans-
verse strain was unconstrained. 

The third analysis method was a linear elastic shear lag 
model that was developed in order to capture the extensive 
three-dimensional stress-strain field of the externally bond-
ed battery configuration. The sealant, identified by the letter 
s, and the adhesive film, identified by af, were assumed to 
carry only shear, while the bending and shearing deforma-
tion of the upper and lower substrates, su and sl respectively, 
were neglected. The carbon/epoxy composite material was 
modeled as an equivalent isotropic material with the appar-
ent laminate Young’s modulus in the x-direction calculated 
according to the CLT. Bending and shearing deformation of 
the CFRP were also neglected. Perfect bonding was assumed 
at all interfaces and the presence of the active components 
was neglected due to their relatively small thickness. Based 
on these assumptions, when a far-field stress σ0 is applied 
to the CFRP laminate, a normal stress σx is generated in the 

Figure 12.  Electromechanical flexure test setup with standard 60:1 
span to thickness ratio, showing the hybrid TFB/graphite laminate 
specimen loaded by the four point bending fixture. Laminate stacking 
sequence is [(0/45/90/–45)3 /TFB/(–45/90/45/0)3 ].
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CFRP, su and sl layers, and a shear stress τxz is carried by the 
a and s layers, Figure 13. No other stress components arise, 
therefore the equilibrium equations are reduced to three, one 
for each of the layers that carries axial loading. The addition 
of the strain-displacement and stress-strain equations leads 
to a system of thirteen equations with thirteen unknowns. 

The resulting governing equations are
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In the above definitions t, E and G identify thickness, 
Young’s modulus and shear modulus of elasticity. 

Equation (3) is a system of coupled second-order linear 
ordinary differential equations, whose general solutions are
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The known parameters A1 and A2 are defined as
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The terms B1 to B4 were calculated for the following 
boundary conditions
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All the other unknowns of the system, such as the remain-
ing stresses, strains and displacements, were then solved by 
algebraic substitution. 

The results provided in the next section are based on 
the actual thicknesses taken from microscopies of polished 
specimen sections, similar to the micrograph shown in Fig-
ure 9. The following thicknesses were used: 0.125 mm for 
the CFRP plies; 0.06 mm for the TFB substrates; 0.08 mm 
for the TFB sealant and 0.09 mm for the adhesive film.

3.  RESULTS

Typical load displacement plots for the DCB tests are 
shown in Figure 14. The crack propagated through the car-
bon/epoxy laminate in a ‘stick-slip’ manner, the crack ad-
vancing at finite increments, and crossed the battery with an 
unstable propagation along the whole battery length. The 
initial slope of the curves obtained from the laminates with 

Figure 13.  Shear lag elasticity model of the externally bonded TFB, 
stress representation. Laminate layers are: carbon/epoxy sub-lami-
nate (CFRP); adhesive film (a); lower substrate (sl); sealant (s); up-
per substrate (su).
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embedded TFB was slightly lower than for those without, 
because the specimens with the embedded battery were 1.9 
mm narrower than the nominal width. As expected from 
its low fracture toughness (Table 2), the crack propagated 
through the muscovite substrate for all the three test repeti-
tions, splitting one of the two substrates along a cleavage 
plane, whereas the bond between the substrate and the car-
bon/epoxy composite remained intact, Figure 15. The aver-
age GIC was reduced 15% by the presence of the battery, 
which was equal to the amount of crack surface occupied 
by the TFB, Table 4. This proved that the crack propagated 
through the battery without releasing a significant amount of 
strain energy. 

The uniaxial mechanical tests gave evidence that the 
strain measured at the surface of a TFB-CFRP laminate with 
an embedded battery decreased sharply at the center of the 
specimen, where the TFB was located. An example of a full-
field strain plot measured experimentally using DIC on the 

cross-ply laminate is shown in Figure 16. The corresponding 
strain field calculated by FEA is plotted in Figure 17 using 
consistent contour levels for comparison. The correlation 
between experiments and analysis was assessed based on 
the strain distribution along the longitudinal center-line of 
the specimen, identified by line a-a in Figure 16. The experi-
mental and calculated strain values along line a-a are plotted 
in Figure 18. The FEA values are averaged corner outputs. 
Furthermore, the strain level predicted by the simplified CLT 
method is plotted as a constant strain throughout the nominal 
battery length and as a constant far-field strain elsewhere. A 
strain concentration factor, defined as the ratio between the 
average strain over the TFB ( )εTFB  and the far-field strain 
(ε0), was calculated for each of these data sets. The summary 
of the strain concentration factors for the tested lay-ups is 
reported in Table 5, showing a good agreement between the 
experimental and calculated strain field for all the stacking 
sequences. The results seem to confirm that the TFB shared 
load with the laminate as desired and that its adhesion to 
the CFRP material remained intact within the 3000 µstrain 
range. Moreover, the assumptions of plane stress and uni-
form strain through-the-thickness appear valid to predict the 

Figure 14.  Typical load-displacement profiles for double cantilever 
beam test (a) without embedded TFB and (b) with embedded TFB.

Table 4.  Average Mode I Fracture Toughness (GIC) 
and Standard Deviation (σ) Resulting from Double 

Cantilever Beam (DCB) Testing.

Average GIC
[J/m2]

σ
[%]

Specimens without TFB 315.5 2.27
Specimens with TFB 267.0 1.55
Specimens with TFB—net crack surface1 315.7 1.77

1Crack surface of thin film battery (TFB) is excluded from GIC calculation

Figure 15.  Close-up image of crack surfaces after double cantilever 
beam.

Figure 16.  Uniaxial mechanical tension test. Normal strain distribu-
tion in the loading direction (εx). Laminate stacking sequence at bat-
tery is (0/90/TFB/90/0). Applied far-field strain of 3107 µstrain.
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overall elastic behavior of the laminate with an embedded 
battery. Within the limits of applicability of these assump-
tions, that is neglecting the three-dimensional stresses aris-
ing at lay-up transition, the interlaminar embedding did not 
lead to significant stress concentrations. In fact, the maxi-
mum stress concentration factor calculated with FEA was 
1.07 and it occured in the (0/90)S laminate in proximity of 
the battery corners. This factor was calculated by dividing 
the maximum nodal strain in the x-direction by the far-field 
strain.

The same test procedure was adopted for the configura-
tion with externally bonded TFB. The measured strain fields 
for the two tested lay-ups were characterized by higher strain 
gradients at the battery, in Figure 19. The highest gradient 
were located at the battery edges oriented transverse to the 
loading direction. These strain peaks were caused by a rela-
tive displacement between the upper substrate and the CFRP 
surface, which was detected as an apparent strain by the 
optical measurement instrumentation. Therefore, although 
this relative displacement was associated with a shear strain 
concentration in the sealant and in the adhesive, the normal 
strain peak had to be disregarded. The strain distribution 
over the battery, which coincides with the strain in the up-
per substrate, was in good agreement with the output of the 

shear lag model, Figure 20. As predicted by the analysis, the 
normal strain of the upper TFB substrate, which was zero at 
the battery edges, increased progressively up to a maximum 
at the center of the battery, without reaching the strain level 
predicted by the CLT. The high modulus mismatch between 
the adherents (substrates and CFRP sub-laminate) and the 
adhesives (sealant and adhesive film), as well as the relative-
ly high thickness of the adhesives, were the causes of this 
extensive shear lag behavior. The calculated normal strain 
distributions in the adherents clearly show that the TFB 
length was not enough to allow for a uniform strain through-
the-thickness, Figure 21. As a result, the upper substrate 
was affected by shear lag for the entire battery length, while 
the lower substrate and the CFRP sub-laminate reached a 
uniform strain at about one-third of the battery length. Ac-
cording to the shear lag model, the uniform strain region, 
defined as the area where the strain in the upper substrate 
reached at least 95% of the strain in the CFRP sub-laminate, 
began at a distance of 13.3 mm and 12.8 mm from the TFB 
edges for the [(0/45/90/–45)S/AF/TFB] and (08/AF/TFB) 
laminates. Thus, in the shear lag region, which was as wide 
as 85 times the thickness of the battery and located next to 
the battery edge, the assumption of plane stress does not ap-
ply. For a sufficiently long TFB this edge effect would neg-

Figure 17.  Uniaxial mechanical tension test simulation. Strain distri-
bution in the loading direction (x) calculated with finite element analy-
sis (FEA). Laminate stacking sequence at battery is (0/90/TFB/90/0). 
Applied far-field strain of 3107 µstrain.

Table 5.  Uniaxial Mechanical Tension of Interlaminar 
TFB Embedding with Full-field Strain Monitoring. 

Measured and Calculated Normal x-Strain 
Concentration Factor Along Line a-a Shown in  

Figure 16. Factor is Defined as the Ratio Between 
Average TFB Strain εTFB and far-field strain ε0.

Lay-up

εTFB/ε0

Experimental 
(DIC) CLT

FEA 
(CLT)

(0/90/TFB/90/0) 0.75 0.66 0.71
(02/TFB/02) 0.84 0.79 0.81
(0/45/90/–45/TFB/–45/90/45/0) 0.80 0.74 0.80

Figure 18.  Measured and calculated εx strain distribution along line a-a shown in Figure 16. Laminate stacking sequence at battery is (0/90/
TFB/90/0).
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ligibly reduce the load sharing efficiency of the externally 
bonded battery, however the three-dimensional stress-strain 
field poses challenges for the mechanical integrity and it is a 
fundamental knowledge required for the design of the TFB-
CFRP laminate. The shear stress peak in the sealant occured 
at the battery edges, but the shear lag region extended well 
over the active components, Figure 22, and could trigger a 
mode II delamination onset at the edge of the active compo-
nents, which is a known weak spot (Figure 6 and Figure 7).

Although the low sealant modulus was responsible for 
the extensive shear lag region, it had the advantage of lead-
ing to a low shear stress concentration factor, defined as the 
ratio between the peak stress and the average absolute value 
of the shear stress in the sealant layer. Shear stress concen-
tration factors of 2.9 and 2.7 were calculated in the quasi-
isotropic and in the unidirectional laminates, the latter being 

lower because the higher stiffness of the CFRP sub-laminate 
allowed a more gradual load transfer to the TFB. The shear 
stress concentration factors in the adhesive film, which had 
a higher modulus than the sealant, were 5.7 and 5.2 respec-
tively. 

The failure of the externally bonded battery configuration 
under uniaxial mechanical tension occured at an average 
applied far-field strain of 4898 µstrain, Table 6. This value 
was less than 50% of the CFRP sub-laminate critical strain. 
The same failure mode occurred in both the lay-ups and is 
attributable to the failure of the battery lower substrate. Mi-
crographs of the failed specimens demonstrated that the in-
terface between the adhesive film and the substrate remained 
intact, while the failed substrate showed multiple delamina-
tions along the cleavage planes in proximity of the interface 
with the adhesive film. The unstable growth of one of these 
delaminations caused the battery to suddenly detach from 
the CFRP sub-laminate, leading to a brittle type of failure, 
Figure 23. The onset location of the failure can only be spec-
ulated. From the analysis of the calculated stress-strain fields 
it was noted that both specimens failed when the maximum 
shear stress occurring in the lower substrate reached 42.5 
MPa, Table 6. Moreover, the TFB demonstrated during the 
electromechanical tension tests the capability to withstand 
higher normal strains than the ones calculated at failure for 
the externally bonded battery configuration and reported in 
Table 6. For these reasons a shear dominated failure starting 
from the substrate ends is deemed more likely than a failure 
caused by the peak normal stress occurring at substrate mid-
span. 

The results for the battery thickness increase during 
charging are reported in Figure 24. The small displacements 
involved were comparable to the sensitivity of the measuring 
instrumentation, therefore the surface data was affected by a 
fairly high amount of noise, Figure 24(a). The imprint of the 
anode shape in the contoured data shows that the thickness 

Figure 19.  Uniaxial mechanical tension test. Normal strain distri-
bution in the loading direction (εx). Laminate stacking sequence at 
battery is [(0/45/90/–45)S/AF/TFB]. Applied far-field strain of 3123 
µstrain.

Figure 20.   Measured and calculated εx strain distribution along line a-a shown in Figure 19. Laminate stacking sequence at battery is [(0/45/90/–
45)S /AF/TFB]. The x-coordinate defined in Figure 13 is offset in order to match the DIC coordinate system. 
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increase was higher over the active components. In order to 
reduce the scatter, the average displacement of the area over 
the anode was calculated for every sampled displacement 
fields and plotted in Figure 24(b) as a function of the charge 
level. The charge level was defined as a linear function of 
the battery voltage during charging: 0% corresponded to the 
initial charging voltage and 100% to the voltage at the end of 
the charging process (i.e. when the charge current dropped 
below 50 µA). The thickness increase at full charge resulting 
from regression analysis of the averaged displacement data 
was about 4 µm. An influence from temperature variability 
is excluded since no significant environmental changes or 
battery self-heating was detected by the IR camera during 
the test. The perturbation introduced by a 4 µm battery cy-
clic expansion in terms of normal interlaminar stress and its 
long term effects on the integrity of the TFB-CFRP laminate 
are unknown at this stage of the research. However, the high 
coefficient of expansion demonstrated by a single TFB cell 
suggests that the design of future stacked multicell laminates 
should account for the thickness variability.

The uniaxial tension tests with capacity monitoring con-
firmed that the battery electrochemical performance is unaf-
fected by the applied strain, as reported by [21,24,25]. The 
sequence of capacity measurements under increasing strain 
for one of the two specimens tested is shown in Figure 25 
and demonstrates that the ability of the battery to store en-
ergy remained constant up to the electrical failure. Also the 
current and voltage profiles were unchanged until electrical 
failure occured. Failures consisted of an immediate and total 
loss of capacity that occured as soon as a certain strain level 
was exceeded. The discharge voltage measured at the begin-
ning of the strain interval was lower than 3 V, therefore the 
charge/discharge circuit recorded a zero discharge capacity 
and switched to the charging mode. Once in charging mode, 
the current saturated the power supply output and remained 
constant at 5 mA, similar to a short circuit. The charge ca-
pacity relevant to this type of failure is reported as infinite in 
Figure 25. Bringing the strain back to zero did not restore the 
battery functioning and failure was confirmed. 

The electrical failure occured when the strain at the bat-

Figure 21.   Normal strain distribution in CFRP laminate and TFB substrates calculated with the shear lag model. Laminate stacking sequence 
at battery is [(0/45/90/–45)S /AF/TFB]. Applied far-field strain of 3123 µstrain.

Figure 22.   Shear stress distribution in adhesive film and sealant calculated with the shear lag model. Laminate stacking sequence at battery 
is [(0/45/90/–45)S /AF/TFB]. Applied far-field strain of 3123 µstrain. The length occupied by the active components is indicated in the plot area.
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tery exceeded 5100 µstrain. The critical strains reported in 
Table 7 are relevant to the last strain cycle preceding failure, 
thus they are maximum operating strain values. The strain at 
the battery was calculated by multiplying the far-field strain 

by the 0.8 strain concentration factor determined though the 
mechanical tests and FEA described in the preceding sec-
tion, Table 5. The causes of the failure are unknown since 
the battery was not accessible for inspection and ultrasonic 

Table 6.  Uniaxial Mechanical Tension of Externally Bonded TFB. Summary of Critical Stress-strain Values at TFB 
Mechanical Failure. The Far-field Strain is Experimentally Measured, the Other Values are Calculated.

Lay-up

Strain at Failure Stress at Failure

Far-field  
ε0 [µstrain]

Max. TFB  
εx – sl max µstrain]

Max. TFB normal 
σx – sl max [MPa]

Max. TFB shear 
τxz – af max [MPa]

[(0/45/90/–45)S/AF/TFB] 5072 3588 639 42
(08/AF/TFB) 4724 4050 721 43
Average 4898 3819 680 42.5

Figure 23.   Micrographs of the uniaxial tension test specimen with externally bonded TFB after failure. Laminate stacking sequence is (08 /AF/
TFB). (a) Full TFB section showing the battery lifted apart from the graphite laminate throughout the entire battery length. (b) Multiple delamina-
tions propagate through the TFB substrate. (c) Adherent failure of the TFB substrate.
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inspections had not proven to be effective for this particular 
structure. The in-plane stiffness of the specimens along the 
testing direction did not change significantly after the elec-
trical failure occurred.

The results of the flexure tests showed that the applied 
curvature, similarly to the in-plane strain, does not affect 
the electrochemical performances up to failure. Results also 
gave evidence that the different combinations of strain and 
curvature lead to different failure modes. The specimens 
with an embedded battery at the laminate mid-plane and 
with a span-to-thickness ratio of 60:1 mechanically failed at 
a radius of curvature of 159 mm. The electrochemical per-
formance remained constant up to the structural collapse of 
the laminate, which occured by compressive failure of the 

upper plies and was not affected by the presence of the bat-
tery. This was the only loading condition for which the lami-
nate structural strength was more critical than the battery 
integrity, thereby showing that pure curvature of the TFB 
is not critical for most structural applications. In order to 
measure the critical radius of curvature of the battery, the 
span-to-thickness ratio was increased to a non-standard ratio 
of 145:1. This test set-up allowed achievement of the electri-
cal failures, which occurred at an average radius of curvature 
of 112 mm, without being anticipated by performance fading 
and with the same sudden loss of discharge capacity experi-
enced during the uniaxial tension test, Figure 26. 

For the combined curvature and in-plane strain loading 
conditions, electrical failures were obtained at the 60:1 span-

Figure 24.   (a) Anode side surface distribution of out-of-plane displacement w measured with digital image correlation (DIC) at 80% charge 
level. (b) Displacement w averaged over the anode area and second order polynomial regression of the data points.

Figure 25.   Electrochemical characterization of the TFB-CFRP laminate under uniaxial mechanical tension. Capacity measured at increasing 
strain cycles up to failure. Laminate stacking sequence is (0/45/90/–45/TFB/–45/90/45/0).
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to-thickness ratios. The critical radii of curvature and strains 
are summarized in Table 8. The compressive loading condi-
tion, with a low far-field strain at failure of 2832 µstrain, 
was particularly critical. Failure occurred by delamination 
buckling of the TFB packaging, Figure 27, and subsequent 
battery contamination. The failure initiation is uncertain. It 
can be attributed to an adhesive failure at the sealant-sub-
strate interface, or, given its low fracture toughness, to a de-
lamination of the substrate. A cohesive failure of the sealant 
is deemed unlikely because of the relatively high fracture 
toughness of Surlyn. The buckling of the upper substrate, 
shown in a close-up view in Figure 28, opened a path for 
air and moisture ingression through the battery packaging 
and it was followed by a neutral grey discoloration of the 
anode occurring below the wrinkle of the substrate. This 
chromatic change was attributed to the reaction of lithium 
with contaminants. Like for the failure of the embedded bat-
tery, the discharge capacity measured after failure was con-
sidered zero because the discharge voltage was lower than  
3 V. On the other hand, the charge current did not saturate 
the power supply as mentioned for the embedded battery, but 
it remained constant at about 0.45 mA and it showed a fairly 
high amount of random high frequency oscillations with ap-
proximately 50 µA of amplitude. The charging process was 
declared failed after one hour. 

The specimens tested in curvature and positive strain 

failed at an average radius of curvature of 214 mm and an 
average far-field strain of 7019 µstrain. The failure mode 
consisted of brittle fracturing of the lower substrate and bat-
tery detachment form the CFRP sub-laminate, as described 
for the externally bonded battery configuration subjected to 
uniaxial tension. Although the failure modes for these two 
loading conditions appeared to be the same, the critical far-
field surface strain of the laminates tested in flexure was 40% 
higher. The cause for the mismatch is partially attributed to 
an error associated with the calculation of the strain at failure 
for the curvature and positive in-plane strain loading condi-
tion. In fact, the deflections of the specimens at failure were 
in excess of 10% of the support span, leading to geometrical 
nonlinearities. Therefore the small deformations assumption 
utilized for computing the strain provided overestimated 
values for this particular case.

4.  CONCLUSIONS

The assumptions of plane stress and uniform normal 
strain through-the-thickness allowed the prediction of the 
overall elastic behavior of the hybrid thin film lithium ion—
graphite battery laminates subjected to in-plane strain, for 

Table 7.  Critical Strain Values for Uniaxial Mechanical 
Tension with TFB Electrical Capacity Monitoring of 
Laminate [0/45/90/–45/TFB/–45/90/45/0]. Measured  
Far-field Strain ε0 and Corresponding Calculated 

Average TFB Strain εTFB at Electromechanical Failure.

Lay-up

Strain at Electrical Failure

ε0 [µstrain] εTFB [µstrain]

Repetition 1 6000 4800
Repetition 2 6750 5400
Average 6375 5100

Figure 26.  Electrochemical characterization of the TFB-CFRP 
laminate under single curvature. Capacity measured at increasing 
curvature cycles up to failure. Laminate stacking sequence is [0/90/
TFB/90/0].

Figure 27.  Failure of TFB undertaking electromechanical flexure 
testing. Delamination buckling of the battery at a radius of curvature 
of 504 mm and compressive strain of 2971 µstrain.

Table 8.  Four Point Bending with TFB Electrical 
Capacity Monitoring. Summary of Critical Radius of 
Curvature and Strain at Electromechanical Failure.

Radius of 
Curvature 

[mm]

Far-field 
Strain 

[µstrain]

Curvature
Repetition 1 124 0
Repetition 2 99 0

Average 112 0

Simultaneous curvature and 
negative in-plane strain

Repetition 1 504 –2971
Repetition 2 557 –2692

Average 531 –2832

Simultaneous curvature and 
positive in-plane strain

Repetition 1 204 7354
Repetition 2 224 6683

Average 214 7019
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either the embedded battery or the externally bonded battery 
configuration. However, besides not being applicable at lay-
up transition, these assumptions did not capture the exten-
sive shear-lag that develops in proximity of the battery edges 
of the externally bonded battery configuration. Therefore 
three-dimensional FEA or higher order laminate, zig-zag, or 
layerwise theories are required for an optimized design. 

The operational envelope for the hybrid laminate featur-
ing the current thin film battery technology is reduced with 
respect to a conventional CFRP structural laminate. The 
failure of the TFB-CFRP laminate, defined as the mechani-
cal failure of any laminate component or the electrical fail-
ure of the battery, occured at an applied far-field strain of 
4898 µstrain for uniaxial tension and 2832 µstrain for uni-
axial compression in the worst case scenarios. The ability to 
tolerate curvature was equivalent to that of a conventional 
laminate as long as the battery was located at the laminate 
mid-plane and provided that the critical radius of curvature 
of 112 mm was not exceeded. Within these operational lim-
its the electrochemical performance was not affected by the 
mechanical boundary conditions. Differences between the 
embedded battery and the externally bonded battery con-
figuration were discussed in detail. 

The critical failure modes of the externally bonded bat-
tery configuration included mode II dominated delamination 
or disbonding of the battery packaging when the laminate 
was subjected to mechanical tension, with failure onset at 
the battery edges or possibly at the edge of the active com-
ponents. Delamination buckling of the battery upper sub-
strate was critical under compressive loading. The packag-
ing buckling failure triggered the electrical failure by cell 
contamination with air and moisture. The delamination or 
cracking of the active components were not critical failure 
modes with the current packaging materials. Hence the bat-
tery packaging was the weakest link for the structural and 
electrical integrity.

The critical failure modes for the embedded battery con-
figuration were not identified. The test campaign gave evi-
dence that electrical failure is more critical than mechanical 
failure of the laminate for the in-plane strain loading condi-
tion. Battery substrate splitting with subsequent tearing of 
the active components, delamination of the packaging with 
cell contamination, or mechanical failure of the active com-
ponents are all possible failure modes. The failure of the 
electrical connections is excluded because the battery dis-

charge voltage remained detectable after failure. The same 
uncertainties apply to the electrical failure under curvature, 
which is, however, less critical than the mechanical failure 
of the laminate. 

The low fracture toughness of the muscovite substrate 
is the most important limiting factor for the mechanical in-
tegrity of the current battery packaging. The high modulus 
mismatch between the Surlyn sealant and the substrate is the 
second most important limiting factor. The delamination of 
the substrate was responsible for the failure of the externally 
bonded battery under in-plane tension and is suspected to 
be the main cause for the delamination buckling that oc-
cured under compression. The low fracture toughness of the 
substrate might have concealed other shortcomings such as 
poor mechanical strength of the electrodes and electrolyte 
and their bonding interfaces with the packaging, which were 
expected to be the critical for electromechanical survivabil-
ity. A higher modulus sealant would increase the load shar-
ing efficiency of the externally bonded battery and prevent 
compression buckling of the packaging. On the other hand, 
it would also increase the shear stress concentration factor at 
the battery edges, which promotes disbonding onset.

The interlaminar embedding of the battery did not have 
direct detrimental effects on the CFRP laminate elastic 
properties and mechanical strength. Perfect bonding and 
predictable load sharing with the composite structure up to 
failure were observed. Nevertheless the possible delamina-
tion onset and propagation at lay-up transition requires fur-
ther investigation. Moreover, accounting for the effects of 
the cyclic battery thickness variation upon the interlaminar 
normal stress and strain energy release rate is recommended 
for stacked multicell architectures. The stress induced by the 
battery thickness increase could be reduced by curing the 
laminates with fully charged batteries; however the study 
on manufacturability conducted by the authors revealed 
that thermal processing at full state of charge reduces the 
maximum curing temperature that the batteries can tolerate 
without permanent capacity loss. The design of TFB-CFRP 
laminates would benefit from the development of appropri-
ate electrode materials that minimize volume variation dur-
ing lithiation-delithiation.

The results demonstrate the importance of the packaging 
for the mechanical integration of batteries and structure. The 
laminate stress-strain field is highly influenced by the design 
of the substrate and sealant layer, as shown by the analysis 
of the uniaxial mechanical tension tests of the embedded and 
externally bonded battery configurations. Moreover, all the 
critical electromechanical failure modes that have been iden-
tified are initiated by the failure of a packaging component. 
For these reasons conventional packaging materials current-
ly adopted by standard flexible electronics are inadequate 
for the multifunctional application. Lightweight aeronauti-
cal materials and high temperature structural composites 
developed for space application should be considered for 

Figure 28.  Failed battery shown in Figure 27 reveals air and mois-
ture path through the buckled substrate.
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their high elastic modulus and the ability to withstand severe 
stress and the high temperature associate with the manufac-
turing of the battery. 

Based on the current performance, this multifunctional 
technology could be applied to a limited range of micro- 
and mini-UAV platforms, where the mechanical demands 
are minimal and the ratio of batteries to structural compos-
ites can be large enough to provide the required electrical 
energy and maximize the multifunctional efficiency, More 
demanding applications require a technological transition to 
improve the mechanical properties of the electrochemically 
active components and the packaging. In order to support the 
design of the next generation of airborne structural thin film 
batteries, modeling of the three-dimensional stress-strain 
field, delamination initiation and propagation are required 
to increase the mechanical strength and the electric surviv-
ability of the multifunctional system. The design should 
also account for the constraints given by the physiochemi-
cal requirements of the TFB manufacturing process and by 
the composite laminate curing process. Finally, the density 
of the packaging materials should be minimized for light-
weight design, whereas the current substrate material has a 
too high density of 2.6 g/cm3. 
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1. INTRODUCTION

Micromechanical algorithms are efficient tools which
have been widely used to study the local stress/strain dis-
tribution, damage analysis, and failure prediction [1–7] 
and thermoelastic characterization of composite materials 
[8–10]. Micromechanics concepts provide a tool to measure 
the mechanical properties of a composite from the charac-
teristics of its constituents. Such a tool has been enhanced 

with finite element analysis in recent years. In this respect, 
Garnich and Karami [11] developed a linear elastic finite 
element micromechanics model to study the stiffness and 
strength of wavy fiber composites. The results revealed that 
local stresses caused by undulation of fibers, which are not 
predictable by traditional continuum analyses, play an im-
portant role in the characteristic and failure of such compos-
ites. Naik et al. [12] proposed a micromechanical procedure 
to predict the mechanical properties of viscoelastic fibrous 
composites. They studied the effect of fiber volume fraction 
on the material behavior of compound material by using 
RUC of square and hexagonal, and bidirectional crossed fi-*Corresponding author. Tel.: +1 701231 5859; fax: +1 701 231 8913; 
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ABSTRACT

In this paper homogenized elastic and viscoelastic material properties are evaluated 
and compared for symmetric and randomly distributed fibers within the matrix of a 
unidirectional composite laminate. In general, homogenized properties are different 
from their localized values. In homogenized characterization one assumption rests on 
a systematic distribution of fibers which at many circumstances might not be true. We 
select representative volume elements (RVE) in terms of repeating unit cells (RUC) of 
four types of fiber distributions; two systematic types (square—SQR and hexagonal—
HEX packing), and two randomly distributed (one with identical fibers—RND, and one 
with random geometry—RNDG packing). Employing the principles of micromechanical 
characterization, RUCs of the composites were exposed to six distinctive types of load-
ings (three axial loadings and three shear loadings) under periodic boundary condi-
tions. Inverse analysis is conducted to characterize and determine the comprehensive 
volume-averaged homogenized elastic and viscoelastic material properties of the com-
posite. To investigate the impact of constituents’ material anisotropy on the behavior of 
the compound material, both isotropic and orthotropic fibers are employed. To examine 
the effect of the fiber/matrix volume ratios, the results are presented for three different 
fiber volume ratios. The local stress/strain distributions within each RUC are monitored 
in comparison with the corresponding volume-averaged stresses and strains. The lo-
cal stresses and strains are compared with the volume-averaged ones by which the 
material is characterized and the differences are highlighted. One conclusion is that the 
impact of random distribution and geometry of fibers on homogenized stiffness proper-
ties might be minor, but it has considerable effect on local stress/strain distribution and 
hence on the strength of the composite. Among the different types of RUCs the HEX 
packing provides more uniform distributions of stresses and strains. 
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bers packing. Abolfathi et al. [13] presented a micromechan-
ical procedure to predict the homogenized elastic properties 
of angular bidirectional fiber-reinforced composites. The 
comparison between the compliance/stiffness solutions of 
this study and those obtained from the laminated theory 
were in good agreement. They suggested an algorithm to 
determine the optimum fiber angle within matrix to attain 
the most efficient mechanical properties in all directions. 
Drago and Pindera [14] employed three types of boundary 
conditions on a RUC compound of multiple square pack-
ing to determine the engineering moduli of unidirectional 
(UD) composites. Zhang et al. [15] investigated the effects 
of nonlinearity in materials and off-axial loading on the 
mechanical response of viscoelastic fibrous polymeric 
laminates. 

Fiber arrangement in matrix has definite impacts on me-
chanical behavior of composites. In the above mentioned 
studies, the fibers have been assumed to be distributed pe-
riodically in regular and symmetric arrangements within the 
matrix, while in reality, fibers are usually randomly distribut-
ed. Although considering regular fiber arrangements simpli-
fies the complexity of modeling and analysis, but the impact 
of random arrangements must be studied to acquire realistic 
solutions. In this respect, Jin et al. [16] studied the impact 
of fiber configurations on residual thermal stresses in UD 
composites with different fiber volume ratios. They consid-
ered commonly used SQR and HEX packing, and a random 
distributed array as the fiber arrangement. They conducted 
statistical analysis on the dispensation of residual thermal 
stresses in the random model and compared the results to 
those of regular packing. The differences were considerable 
and proved that the distribution of fibers has a considerable 
impact on residual thermal stresses, particularly at greater fi-
ber volume ratios. Everett and Chu [17] modeled the micro-
structure of non-uniform UD composites and showed that 
the fibers configuration affects the degree of non-uniformity 
of the compound material. Oh et al. [18] conducted a re-
search work to study the fiber/matrix interfacial strain distri-
bution in unit cells with random array of fibers. 

Wongsto and Li [19] carried out a numerical analysis on 
UD composites to study the impacts of implementation of 
incorrect physical constraints on the anticipated mechanical 
response of unit cells with randomly distribution of fibers. 
They found that the imperfect boundary conditions may only 
change the results in the areas close to boundaries and would 
decay gradually away from the edges. They used the data 
of sub-domains far from the boundaries to characterize the 
mechanical properties of the compound material. Huang et 
al. [20] carried out a frequency analysis on the distribution 
of stress invariants within the matrix as well as traction dis-
tribution at the interfacial area between matrix and fibers to 
evaluate performance of random and regular fiber packing.

A micromechanical analysis of symmetrical (SQR and 
HEX) distribution as well as random distribution will be 

considered in this paper. Although the distribution may be 
taken of any random type, here only two examples of ran-
dom fiber distributions, one with identical fiber geometry 
(RND) and one with random geometry (RNDG), will be ex-
amined to observe the homogenized mechanical properties 
as well as local stress distribution in composite constituents. 
Finite element micromechanical analyses are performed on 
the selected models representing RUCs of UD composites. 
The results will be compared to examine the effects of ran-
domness of fiber distribution and geometry. 

2.  MICROMECHANICAL MODELING

2.1.  Repeating Unit Cell Modeling of SQR, HEX, RND, 
and RNDG

Figure 1 shows four different types of fiber arrays as-
sumed to be representing the microstructure of UD compos-
ites. In all cases, fibers are assumed to have uniform cylindri-
cal shapes distributed parallel to each other within the matrix 
domain. In two configurations, fibers are embedded regu-
larly and symmetrically in the matrix, with the symmetry 
lines define the three-dimensional repetitive square (SQR) 
and hexagonal (HEX) representative volume elements of the 
composite material [Figures 1(a) and 1(b)]. In the third con-
figuration (RND) identical fibers are distributed randomly in 
matrix with a RVE involving fourteen cylindrical fibers to 
symbolize the microstructure of the material [Figure 1(c)]. In 
the fourth configuration (RNDG), cylindrical fibers with dif-
ferent diameters are scattered in a random pattern in matrix 
domain. In this packing, 27 cylindrical fibers are assumed to 
have four different circular cross-section areas [Figure 1(d)]. 
To study the impact of fiber volume ratio on the mechani-
cal response of UD composites, each RUC is modeled with 
three fiber volume fractions of 0.3, 0.4 and 0.5. 

2.2.  Micromechanics Elastic and Linear Viscoelastic 
Analysis of RUCs 

The relation between stresses and strains of an elastic 
anisotropic material can be expressed by  εij = Sijkl σkl for i, 
j, k, l = 1, 2, 3, where Sijkl are components of the 6 × 6 ma-
trix of compliance coefficients. The number of independent 
compliance coefficients depends on the degree of heteroge-
neity of the material under investigation. This matrix is sym-
metric, and thus, for a completely anisotropic material there 
are 21 independent compliance coefficients. For orthotropic, 
transversely isotropic and completely isotropic materials this 
number reduces to 9, 5 and 2, respectively. In the computa-
tional analysis and for characterization purposes, we assume 
that the composite constituted from isotropic or anisotropic 
components is completely anisotropic. The degree of isot-
ropy of composites depends on the constituents, and can be 
revealed once the inverse analysis has been carried out. This 
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Figure 1.  RUCs representing UD composites, (a) SQR, (b) HEX, (c) RND, (d) RNDG packing. The white circular areas are fibers and the rest 
is matrix. The fibers are embedded parallel to each other in the X-direction.

means by counting the number of non-zero and independent 
terms of Sijkl the anisotropy can be found. For the inverse 
analysis, each RUC is exposed to six independent load cases 
(3 axial and 3 shear loads). For each load scenario there are 
six independent stress and strain components. Therefore, 
plugging theses values in the above equations, a set of thirty 
six linear equations will be resulted by which all the thirty 
six unknown compliance coefficients can be derived. The 
mechanical stiffness parameters in terms of Young’s and 
shear moduli and Poison’s ratios, in the principal directions 
where the material is orthotropic are related to compliance/
stiffness coefficients [21]. 

For linear viscoelastic materials, a linear relationship be-
tween the strain history and the current value of stress which 
can be expressed by the following hereditary integral equa-
tion is assumed, i.e., 

ε τ
σ
τ

τij ijkl
kl

t
t S t d

d
d i j k l( ) ( ) , , , , ,= - =Ú ,     1 2 3

0

The compliance coefficients are functions of time, i.e., 
Sijkl = Sijkl (t) at any particular time t, and the strains can be 
related to stresses by equation εkl(t) = Sijkl (t)σij (t). Therefore, 
the compliance coefficients and the related engineering con-
stants should be characterized at each individual time step. 

In the micromechanics finite element procedures of each 
RUC, stress and strain distributions will be evaluated. These 
localized stress and strains can then be volume-averaged 
over the RUC volume for the homogenization characteriza-
tion procedure. The reason behind these volume-averaging 
is the assumption that the RUC is presenting a point within 

the continuum domain, and therefore has a homogenized 
material property.

2.3.  Loading and Periodic Boundary Conditions

As shown in Figure 2, each RUC is exposed to six com-
prehensive independent load scenarios; three axial loads, 
two direct shear load cases, and one torsional shear loading. 
The axial loads are normal to the faces of the RUC and the 
shear loads are tangent to the faces. Under periodic bound-
ary conditions axial load pairs produce pure uniaxial normal 
stresses, and shear load cases produce pure shear stresses for 
a uniform material.

Stress relaxation tests are usually used to study the time-
dependent behavior of viscoelastic materials. In a stress re-
laxation test a constant strain (displacement) is applied on 
the material sample for a certain period of time. The stress 
(force) variation is recorded during the loading process. If 
the constant load is applied instantly, there is a primary fluc-
tuation in results before they become stable. To avoid this 
fluctuation the load increases by a sharp ramp and reach its 
desired value as shown in Figure 3. In the current study, the 
six load cases are in the form of ramped constant strain (dis-
placement). For elastic composites, the constant loads are ap-
plied suddenly on the unit cells and finite element static analy-
sis is carried out to predict the mechanical behavior of them.

To generalize the characterized mechanical behavior ob-
tained from the inverse analysis of the RUC to the whole 
material it is deemed that the composite material is com-
posed of repetitive unit cells. Each RUC, which in fact sim-
ulates a continuum point of the composite material under 
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Figure 3.  Stress relaxation loading diagram.

investigation, is exposed to a set of boundary conditions to 
simulate the periodicity. These boundary conditions, which 
are called periodicity boundary conditions, require opposite 
faces of the unit call undergo identical deformation. Thus 
constraint relations between the nodes on the parallel faces 
are used to enforce periodicity constraints on the RUC. To 
fulfill this, the number and distribution of nodes on oppo-
site faces should be the same, and each face should have 
a node at its geometric center. There should be also a node 
at the geometrical center of the RUC. As a part of physical 
boundary conditions, this node would be fixed in all three 
directions to prevent rigid body motion in the analyses. For 
detailed implementation of periodicity constraints as well as 
the rigid body conditions on a RUC one can refer to Garnich 
and Karami [11] and Naik et al. [12].

3.  NUMERICAL RESULTS AND DISCUSSION 

3.1.  The Material Input

Two different composite materials are employed in this 
study. SiC/F-Glass composite is made of F-Glass matrix (E 
= 59 GPa, v = 0.2) reinforced by Textron SCS-6 SiC fibers 
(E = 423 GPa, v = 0.15) [13], and AS4/Epoxy composite 
is made of AS4 carbon fibers within a viscoelastic epoxy 
matrix. Carbon fibers in AS4/Epoxy (with AS4 as elastic 
fibers and Epoxy as viscoelastic material) composite are 
transversely isotropic. The elastic properties of the AS4 fi-
bers are; E1 = 201 GPa, E2 = E3 = 13.5 GPa, G12 = G13 = 

95 GPa, G23 = 4.9 GPa, and v12 = v13 = 0.22, v23 = 0.25 [13] 
and the linear viscoelastic behavior of the matrix with the 
time-dependent shear and bulk moduli, i.e. G(t) and K(t), are 
expressed by the following Prony series as, 
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where G0 and K0 are instantaneous shear and bulk moduli 
and gi, ki and τi are material-dependent parameters. The vis-
coelastic parameters of epoxy matrix of AS4/Epoxy com-
posite are represented in Table 1 [13].

Figure 2.  Load cases defined to characterize the mechanical behavior of the UD composites.
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3.2.  Elastic Analysis-Local Stress Distributions in RUCs

For SiC/F-Glass composite, RUCs with four various fiber 
arrays (as indicated in Figure 1) with volume fiber ratios of 
0.3, 0.4, and 0.5 were analyzed under six types of loadings 
employing ABAQUS finite element package [22]. Figure 4 
shows the stress distributions in the direction of 1 (S11, Pa) 
within the deformed microstructural shape of the various 

RUCs related to SiC/F-Glass composite with fiber volume 
ratios of 0.5 under load case 1 (under a 0.2% stretch in the 
direction of fibers). As the contours of stress distributions 
indicate, the elements located in the fibers have the same 
stress but higher than those elements of the matrix domain. 
The stresses are distinctly uniform in each domain of the 
fibers and matrix. It is due to the uniform stretch of all ele-
ments in the longitudinal direction. At this load case for UD 
elastic composites the distribution and the geometry of fibers 
have almost no effect on the stress/strain distribution in the 
composite constituents. The reason should be sought on the 
fact that perfect bonding between the fibers and matrix has 
been assumed.

In Figure 5 the contours of shear stress (S12) distributions 
in RUCs of SiC/F-Glass composite with fiber volume ratio 
of 0.5 under load case 4 (shear load tangent to face 3 in the 
direction of 1) are plotted. Under this load case the maximum 
shear stress has been experienced by RNDG packing and the 
least difference between the highest and lowest stresses can 
be seen in HEX model. For this load case the resulted shear 
stresses/strains are affected significantly by both distribution 
and geometry of the fibers in the RUCs. To study the effect 
of fiber configuration and geometry on the local microstruc-
tural stress distribution within a RUC of the composite in 
detail, an analysis has been conducted to see what will be the 
uniformity of the stress within each RUC under the loading. 

Figure 4.  Stress in direction of 1 (S11, Pa) within the deformed shape of RUCs of SiC/F-Glass composite with fiber volume ratio of 0.5 under 
0.2% strain in the direction of 1. The red circles are fibers and the remaining blue area is matrix. (a) SQR, (b) HEX, (c) RND, (d) RNDG model.

Table 1.  Viscoelastic properties of epoxy matrix in 
AS4/Epoxy composite (density: 1.44428 g/cm3, 

E∞ = 8.3 GPa, v = 0.4) [13].

gk kk τk (sec)

0.0126233 0 1.0145e-9
0.0255204 0 1.0145e-8
0.0625175 0 1.0145e-7
0.0768628 0 1.0145e-6
0.128583 0 1.0145e-5
0.147175 0 1.0145e-4
0.181631 0 1.0145e-3
0.171479 0 1.0145e-2
0.0833645 0 1.0145e-1
0.0348822 0 1.0145
0.0120372 0 1.0145e1
0.00964421 0 1.0145e2
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For this purpose the stress values are plotted with respect to 
their volume percentages within the volume of each RUC. 
Figures 6 and 7 represent the distribution of normal stress of 
S33 and shear stress of S12 versus the volume percentage of 
the RUC of SiC/F-Glass composite with fiber volume ratio 
of 0.5 under load cases of 3 and 4, respectively. As these 
figures show under load cases of 3 and 4 the stress distribu-
tion in RUCs are completely different and one can conclude 
that configuration of fibers have impact on the way local 
stresses transfer between the constituents. Comparing Fig-
ures 6(c) and 6(d) as well as Figures 7(c) and 7(d), one can 
conclude that besides the configuration of fibers, their ge-
ometry have considerable effect on the stress distribution in 
UD composites. This analysis indicates clearly that to study 
the micromechanical strength of composite materials both the 
real distribution and geometry of fibers should be taken into 
account. The maximum, stress, the volume-averaged stress, 
and percentage of loads carried in fibers and matrix of differ-
ent RUCs of SiC/F-Glass composite with a fiber volume ratio 
of 0.5 under different kinematical load cases (% 0.2 normal 
or shear strain) are tabulated in Table 2. As shown in this 
table, due to unidirectional assumption of fibers, various unit 
cells have almost identical stresses under Load case 1 (LC1) 
which is an extension load along the fibers. For other load 

cases this is not the case. Note that for each load case the 
dominant component of stress, i.e., for LC1, S11, for LC2, 
S22, for LC3, S33, for LC4, S12, for LC5, S13, for LC6, S23 is 
considered in this table. From this table one can see that the 
maximum stress is always several times larger than the aver-
aged stress within the body of the unit cell. The averaged-
value stresses and strains are being used for material char-
acterization of the unit cell representing a point within the 
continuum of the composite under consideration. In all load 
cases with the exception of load case 6 (torsional shear load-
ing) HEX packing experience the lowest maximum values 
of stress. For load case 6, SQR unit cell has the lowest maxi-
mum stress values in the fibers and matrix. Based on these 
results, the conclusion is that HEX packing produce lower 
maximum stresses and therefore is a better type of packing 
as far as the strength of the composite might be concerned. 

It should not be forgotten that the distribution of stresses 
in the random unit cells depend on the randomness of dis-
tribution and geometry of fibers and the results presented 
here are just for two typical random models. However, these 
analyses reveal clearly that using the symmetric SQR and 
HEX unit cells to study the stress and strain distribution of 
composite won’t obviously lead to accurate results in practi-
cal applications. 

Figure 5.  Shear stress S12 (Pa) within the deformed shape of RUCs of Sic/F-Glass composite with fiber volume ratio of 0.5 under 0.2% shear 
strain of face 3 in the direction of 1. (a) SQR, (b) HEX, (c) RND, (d) RNDG model.
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3.3.  Evaluation of Effective Elastic Stiffness Properties 

Table 3 demonstrates the independent compliance coef-
ficients of SiC/F-Glass composite for random and regular 
packing with fiber volume ratios of 0.3, 0.4, and 0.5, respec-
tively. The SQR and HEX models determines 5 and 9 inde-
pendent compliance coefficients for all fiber volume ratios, 
respectively. Thus, SQR unit cell predicts a transversely 

isotropic behavior for this composite, while HEX model an-
ticipates an orthotropic material behavior for this compos-
ite. These conclusions are in agreement with the number of 
isotropic and symmetry planes in these regular models. For 
random unit cells, i.e. RND and RNDG packing, 13 compli-
ance coefficients were evaluated. Therefore, from the point 
of views of these models the composite is a monoclinic iso-
tropic material. For this composite with a unique fiber vol-

Figure 6.  Distribution of normal stress S33 (MPa) versus volume percentage of RUCs for SiC/FGlass composite with fiber volume ratio of 0.5 
under load case 3 (0.2% stretch in the direction of 3). (a) SQR, (b) HEX, (c) RND, (d) RNDG model.

Table 2.  The Maximum Local Stress (MLS, Mpa) Against the Homogenized Volume-averaged Stress (HVS, Mpa),  
and Percentages of Load Being Transferred in Fiber (F) and Matrix (M) of Different RUCs of the SiC/F-Glass 
Composite with a Fiber Volume Ratio of 0.5 and Under Different Kinematical Load Cases of %0.2 (normal or  

shear strain). For Each Load Case (LC), the Stress Under Consideration is the Dominant Component of the Stress,  
for LC1, S11, for LC2, S22, for LC3, S33, for LC4, S12, for LC5, S13, for LC6, S23.

LC1 LC2 LC3 LC4 LC5 LC6

F M F M F M F M F M F M

SQR
Max. local stress 845.5 119.6 388.4 403.2 388.4 403.2 168.1 166.9 168.1 166.9 111.4 10.51
Hom. VA stress 845.5 118.8 328.7 197.9 328.7 197.9 142.5 79.2 142.5 79.2 95.8 85.4
% load in F or M 87.7 12.3 62.4 37.6 62.4 37.6 64.3 35.7 64.3 35.7 52.9 47.1

HEX
Max. local stress 845.6 119.6 313.8 268.9 289.3 301.5 152.7 118.0 147.2 123.8 143.0 110.1
Hom. VA stress 845.4 118.7 284.0 198.8 267.2 201.8 144.9 78.6 135.6 79.8 127.5 80.9
% load in F or M 87.7 12.3 58.8 41.2 57.0 43.0 64.8 35.2 63.0 37.0 61.2 38.8

RND
Max. local stress 845.8 119.4 501.4 509.8 491.0 526.0 210.3 208.7 218.4 220.7 172.4 134.8
Hom. VA stress 845.4 118.8 304.2 196.9 305.1 196.8 146.9 78.0 149.2 77.7 119.4 81.6
% load in F or M 87.7 12.3 60.7 39.3 60.8 39.2 65.3 34.7 65.7 34.3 59.4 40.6

RNDG
Max. local stress 845.8 119.3 520.2 533.9 451.3 458.6 227.6 225.0 197.5 192.8 162.8 147.2
Hom. VA stress 845.4 1188 297.9 197.1 302.5 196.3 142.3 78.2 144.3 77.9 113.0 82.0
% load in F or M 87.7 12.3 60.2 39.8 60.6 39.4 64.5 35.5 64.9 35.1 58.0 42.0
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Figure 7.  Distribution of shear stress S12 (MPa) versus volume percentage of RUCs for SiC/FGlass composite with fiber volume ratio of 0.5 
under 0.2% shear strain of plane 3 in the direction of 1. (a) SQR, (b) HEX, (c) RND, (d) RNDG model.

ume ratio, the predicted compliance coefficients from vari-
ous volume elements are slightly different. At different fiber 
volume ratios, the values of S1123, S2223, S3323, and S1213 are 
very small compare to other compliance coefficients and one 
can approximate them as zero. Also the values of S1122 and 
S1133 as well as S1212, and S1313 are very close to each other. 
Therefore, this composite may approximate as a transversely 
isotropic material.

The mechanical properties of SiC/F-Glass composite for 
SQR and HEX unit cells with fiber volume fractions of 0.3, 
0.4, and 0.5, which are determined from the compliance co-

efficients, are tabulated in Table 4. At each fiber volume ratio 
both RUCs predict close values for E11, G12, G13, v12, and 
v13, but they determine different values for E22, E33, G23, and 
v23. Due to identical stretches in fibers and matrix and per-
fect bonding between them, the configuration of fibers does 
no effect on the results related to load cases applied in the 
direction of fibers. At a specific fiber volume ratio the SQR 
model predicts higher values of Young’s moduli compared 
to HEX model, and at higher values of fiber volume fraction 
the differences between the Young’s moduli resulted from 
SQR and HEX unit cells increase. 

Table 3.  The Compliance Coefficients (×10–2, 1/GPa) of SiC/F-Glass Composite for Various RUC Models with Fiber 
Volume Ratios of 0.3, 0.4 and 0.5.

Vf RUC S1111 S1122 S1133 S1123 S2222 S2233 S2223 S3333 S3323 S1212 S1213 S1313 S2323

0.3

SQR 0.596 –0.108 –0.108 0.000 1.086 –0.223 0.000 1.086 0.000 2.555 0.000 2.555 2.888
HEX 0.597 –0.108 –0.109 0.000 1.132 –0.271 0.000 1.140 0.000 2.544 0.000 2.573 2.714
RND 0.604 –0.109 –0.110 –0.001 1.109 –0.250 0.007 1.125 –0.001 2.538 0.010 2.581 2.784

RNDG 0.608 –0.111 –0.110 0.001 0.128 –0.254 0.001 1.124 –0.015 2.582 –0.022 2.572 2.797

0.4

SQR 0.490 –0.086 –0.086 0.000 0.915 –0.174 0.000 0.915 0.000 2.162 0.000 2.162 2.548
HEX 0.491 –0.086 –0.087 0.000 0.978 –0.241 0.000 0.993 0.000 2.148 0.000 2.196 2.301
RND 0.498 –0.087 –0.088 0.001 0.952 –0.211 –0.005 0.961 0.001 2.158 –0.004 2.173 2.398

RNDG 0.497 –0.088 –0.087 0.001 0.964 –0.213 0.011 0.960 –0.016 2.188 –0.007 2.179 2.423

0.5

SQR 0.416 –0.071 –0.071 0.000 0.760 –0.130 0.000 0.760 0.000 1.805 0.000 1.805 2.208
HEX 0.417 –0.071 –0.072 0.000 0.830 –0.206 0.000 0.854 0.000 1.793 0.000 1.860 1.922
RND 0.418 –0.072 –0.071 0.001 0.801 –0.176 –0.003 0.800 –0.006 1.784 –0.014 1.769 1.994

RNDG 0.441 –0.071 –0.071 –0.072 0.811 –0.173 0.013 0.805 –0.019 1.824 –0.008 1.810 2.058
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3.4.  Viscoelastic Analysis-Local Stress Distributions 
within RUCs

The stress relaxation simulations were carried out on 
various RUCs to study the time-dependent viscoelastic be-
havior of AS4/Epoxy composite. Constant strain (displace-
ment) loads were applied on the unit cells for a period of 200 
seconds and stress/strain variations were recorded during 
the loading process. Under each load case and at each step 
time the averaged-volume stresses and strains were computed 
over each RUC which were subsequently used to calculate 
the time-dependent compliance coefficients of the composite. 

The distributions of stresses S11 and S12 within the de-
formed microstructural shape of the various AS4/Epoxy 
RUCs with fiber volume ratios of 0.5 under load cases 1 and 
4 are plotted in Figures 8 and 9 at times of 1and 200 sec. As 
the figures show, under load case 1, where the load is along 
the direction of the fibers, in all RUCs, the stress of S11 in the 
fibers remains uniform but it decays with time in viscoelastic 
matrix. It is due to elastic behavior of the fibers and viscoelas-
tic nature of the matrix. Under this load case the stress relax-
ation in matrix does not impact the stress in the fibers. Under 
the other load cases, the stress distributions change by time in 
both the fibers and matrix. As shown for load case 4 the stress 
relaxation in matrix causes stress decay in the fibers. 

Similar to the elastic composite, in the viscoelastic com-
posite, under longitudinal stretch (load case 1) the stress dis-
tribution in different RUC models are almost identical and 
the distribution and geometry of circular fibers do not affect 
the distribution of stress S11. However, under the other five 
load cases, the changes in distribution and geometry of the 
fibers result in non-uniform stress distributions in fiber and 
matrix of the RUCs.

3.5.  Evaluation of Effective Viscoelastic Stiffness  
Properties 

The independent compliance coefficients of AS4/Epoxy 
composite for various RUCs with fiber volume ratios of 0.3, 
0.4, and 0.5 at times of 10 and 200 sec are tabulated in Table 
5. Based on these data, all models of SQR and HEX RUCs 

predict 5 and 9 independent compliance coefficients for the 
viscoelastic compound material, respectively, but there are 
13 independent compliance coefficients predicted by RND 
and RNDG unit cells. Thus, SQR and HEX models pre-
dict transversely isotropic and orthotropic behavior for this 
composite, respectively, while random unit cells anticipate 
monoclinic isotropic type material for this composite. At a 
unique fiber volume ratio, the predicted compliance coef-
ficients from various unit cells are slightly different as ex-
pected. 

The engineering constants in terms of Young’s modulus, 
shear modulus, and Poisson’s ratio determined from the pre-
dicted compliance coefficients for this composite with fiber 
volume fractions 0.3, 0.4, and 0.5 at times of 10 and 200 
sec are presented in Table 6. Both Young’s and shear moduli 
decrease with time at any specific fiber volume ratio but the 
Poisson’s ratios increase. The increase in fiber volume ratios 
causes the stiffness to increase due to higher stiffness of the 
fibers. 

The variation of compliance coefficients of this compos-
ite for different volume ratios were plotted versus time in 
Figures 10(a)–10(f). At any specific fiber volume ratio, all 
unit cells predict slightly different values for compliance 
coefficients. By increasing fiber volume ratio, the values of 
S1111, S2222, and S1212, and S2323 decrease, while compliance 
coefficients of S1122 and S2233 increase. Among all unit cells 
SQR model predicts the lowest values for compliances of 
S1111, S2222, and S3333, and highest values for compliances 
of S1122, S1133, S2233, and S2323. RNDG unit cell predicts the 
minimum compliance coefficient values for S1122 and S1133 
and highest values for S1111, S1212, and S1313.

4.  CONCLUSIONS

A micromechanics elastic/viscoelastic analysis of UD 
composites with symmetric and random distributed fibers 
within matrix was presented. By an inverse analysis, the 
compliance of the composite material for SQR, HEX, RND 
and RNDG models considered were evaluated. At identical 
fiber volume ratios, while the microstructural stress/strain 
distributions are very much impacted by fiber distribution 

Table 4.  The Mechanical Properties of SiC/F-Glass Composite for SQR and HEX Models  
with Fiber Volume Ratios of 0.3, 0.4, and 0.5.

Vf RUC Model

E11 E22 E33 G12 G13 G23

v12 v13 v23(GPa)

0.3
SQR 167.79 92.08 92.08 39.14 39.14 34.63 0.181 0.181 0.205
HEX 167.50 88.34 87.72 39.31 38.87 36.85 0.181 0.183 0.239

0.4
SQR 204.08 109.29 109.29 46.25 46.25 39.247 0.176 0.176 0.190
HEX 203.67 102.25 100.70 46.55 45.54 43.46 0.175 0.177 0.246

0.5
SQR 240.38 131.58 131.58 55.40 55.40 45.290 0.170 0.170 0.171
HEX 239.81 120.48 117.10 55.78 53.76 52.03 0.170 0.173 0.248
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Figure 8.  Time-dependent stress S11 (Pa) within the deformed shape of various RUCs of AS4/Epoxy composite with fiber volume ratio of 0.5 
under 0.2% strain in the direction of 1 at times of 1 and 200 sec.
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Figure 9.  Time-dependent shear stress S12 (Pa) within the deformed shape of RUCs of AS4/Epoxy composite with fiber volume ratio of 0.5 
under 0.2% strain of plane 3 in the direction of 1 at times of 1 and 200 sec.
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Table 5.  The Compliance Coefficients (×10–2) ,1/GPa) of AS4/Epoxy Composite by Different RUCs 
with Fiber Volume Ratios of 0.3, 0.4, and 0.5 at Times 10 and 200 sec.

t (s) Vf

RUC 
Model S1111 S1122 S1133 S1123 S2222 S2233 S2223 S3333 S3323 S1212 S1213 S1313 S2323

10

0.3

SQR 1.494 –0.507 –0.507 0.000 8.384 –4.108 0.000 8.384 0.000 16.127 0.000 16.127 25.951
HEX 1.497 –0.507 –0.508 0.000 8.441 –4.162 0.000 8.435 0.000 16.023 0.000 16.302 25.833
RND 1.523 –0.517 –0.518 –0.001 8.433 –4.159 0.001 8.425 –0.004 15.869 0.103 16.293 25.930

RNDG 1.533 –0.522 –0.521 0.001 8.435 –4.167 0.009 8.437 –0.003 16.203 –0.223 16.168 25.948

0.4

SQR 1.162 –0.375 –0.375 0.000 8.161 –3.777 0.000 8.161 0.000 13.042 0.000 13.042 25.136
HEX 1.166 –0.377 –0.377 0.000 8.244 –3.856 0.000 8.233 0.000 12.290 0.000 13.364 24.199
RND 1.186 –0.384 –0.385 0.001 8.224 –3.851 –0.002 8.220 0.004 12.866 –0.036 13.025 25.102

RNDG 1.185 –0.385 –0.384 0.001 8.219 –3.848 0.012 8.221 –0.010 13.221 –0.074 13.124 25.103

0.5

SQR 0.950 –0.292 –0.292 0.000 7.975 –3.441 0.000 7.975 0.000 10.270 0.000 10.270 24.333
HEX 0.954 –0.293 –0.294 0.000 8.073 –3.533 0.000 8.056 0.000 10.172 0.000 10.789 23.213
RND 0.959 –0.295 –0.294 0.001 8.036 –3.513 0.004 8.039 0.002 9.925 –0.127 9.778 24.235

RNDG 0.965 –0.298 –0.297 0.001 0.035 –3.517 0.013 8.039 –0.010 10.348 –0.081 10.220 24.281

20

0.3

SQR 1.513 –0.528 –0.528 0.000 9.068 –4.738 0.000 9.068 0.000 18.478 0.000 18.478 28.898
HEX 1.517 –0.528 –0.529 0.000 9.183 –4.850 0.000 9.176 0.000 18.356 0.000 18.682 28.605
RND 1.542 –0.539 –0.540 –0.001 9.159 –4.828 0.003 9.148 –0.007 18.169 0.121 18.666 28.794

RNDG 1.553 –0.544 –0.543 0.001 9.165 –4.841 0.018 9.167 –0.009 18.676 –0.262 18.554 28.821

0.4

SQR 1.172 –0.388 –0.388 0.000 8.704 –4.278 0.000 8.704 0.000 14.905 0.000 14.905 27.670
HEX 1.175 –0.389 –0.390 0.000 8.870 –4.438 0.000 8.857 0.000 14.763 0.000 15.281 26.615
RND 1.196 –0.398 –0.399 0.001 8.824 –4.407 –0.004 8.819 0.007 14.690 –0.041 14.877 27.515

RNDG 1.195 –0.398 –0.397 0.001 8.817 –4.402 0.026 8.820 –0.023 15.110 –0.087 14.996 27.523

0.5

SQR 0.956 –0.300 –0.300 0.000 8.393 –3.825 0.000 8.393 0.000 11.697 0.000 11.697 26.456
HEX 0.960 –0.300 –0.302 0.000 8.586 –4.010 0.000 8.564 0.000 11.583 0.000 12.304 25.192
RND 0.964 –0.304 –0.303 0.001 8.517 –3.959 0.006 8.520 0.001 11.284 –0.147 11.112 26.180

RNDG 0.971 –0.306 –0.305 0.001 8.513 –3.960 0.027 8.518 –0.024 11.781 –0.095 11.633 26.267

Table 6.  The Mechanical Properties of the AS4/Epoxy Composite for SQR and HEX Unit Cells  
with Fiber Volume Ratios of 0.3, 0.4, and 0.5 at Times 10 and 200 sec.

t (s) Vf RUC

E11 E22 E33 G12 G13 G23

v12 v13 v23(GPa)

10

0.3
SQR 66.934 11.928 11.928 6.201 6.201 3.853 0.339 0.339 0.490
HEX 66.800 11.847 11.855 6.241 6.134 3.871 0.338 0.339 0.493

0.4
SQR 86.059 12.253 12.253 7.668 7.668 3.978 0.323 0.323 0.463
HEX 85.763 12.130 12.146 7.740 7.483 4.132 0.323 0.322 0.468

0.5
SQR 105.263 12.539 12.539 9.737 9.737 4.110 0.307 0.307 0.432

HEX 104.822 12.387 12.413 9.831 9.269 4.380 0.307 0.308 0.438

20

0.3
SQR 66.094 11.028 11.028 5.412 5.412 3.460 0.349 0.349 0.523

HEX 65.920 10.890 10.898 5.448 5.353 3.496 0.348 0.349 0.528

0.4
SQR 85.324 11.489 11.489 6.109 6.709 3.614 0.331 0.331 0.492

HEX 85.106 11.274 11.291 6.774 6.544 3.757 0.331 0.332 0.500

0.5
SQR 104.603 11.915 11.915 8.549 8.549 3.780 0.314 0.314 0.456
HEX 104.167 11.647 11.677 8.633 8.127 3.970 0.313 0.315 0.467
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Figure 10.  Variations of compliance coefficients versus time by various RUCs of AS4/Epoxy composite with fiber volume ratios of 0.3, 0.4, and 
0.5. (a) S1111, (b) S1122, (c) S2222, (d) S2233, (e) S1212, (f) S2323.
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model type, the evaluated homogenized stiffness of the 
composite will not be considerably influenced. Although the 
predicted homogenized stiffness values from various models 
are in fact very close to each other, but the localized maxi-
mum or minimum stresses are not. The microstructural stress 
distributions call the microstructural strength of the fiber and 
matrix, as well as, their interface mechanical properties, and 
from this point of view the type of fiber distributions have a 
formidable impact as was shown quantitatively in this paper.
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1. INTRODUCTION

Metamaterials derive their unique electromagnetic (EM)
properties from sub-wavelength structure and geometry, as 
opposed to relying explicitly on chemical composition. The 
attributes of metamaterials enable the attainment of unnatu-
ral phenomena at frequencies where conventional materials 
do not provide such a response; some of the more notable 
examples being negative permittivity [1], negative perme-
ability [2], and negative index of refraction [3,4]. Addition-
ally, metamaterials enable precise, point-wise control of the 
EM constitutive properties throughout a structure’s volume 
[4,5,6]. As a result, metamaterials have the potential to sig-
nificantly expand the tradespace in which engineers work to 
control our interactions with EM radiation.

Because metamaterial EM response is so strongly tied 
to geometry and locally enhanced fields [2], a direct caus-
al relationship between mechanical strain (by definition, a 
change in geometry) and EM properties is implied. A num-
ber of efforts have demonstrated this relationship, and many 
leveraged equivalent circuit models to provide insight into 
metamaterial strain-dependence [5,6,7,8,9,10,11]. 

Previous efforts by the authors [9,10] analytically de-
scribed the strain-dependent resonant frequency, and permit-
tivity and permeability of an electric-LC resonator (Figure 
1), a design commonly used in metamaterials for a tailored 
electric response [12]. These previous studies imparted the 
simplifying assumption that the stiffness (Elastic/Young’s 
modulus) of the substrate was on the order of the stiffness of 
the conductive traces (in this case, copper). This assumption 
is valid for a wide range of envisioned metamaterial imple-
mentations, particularly those where the metamaterial will be 
integrated directly into a load-bearing structure [13,14,15]. 
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Email: afrl.rvsv@kirtland.af.mil, brandon.arritt@kirtland.af.mil
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ABSTRACT

Metamaterial strain-dependent electromagnetic (EM) behavior is strongly influenced by 
its constituent materials. Metamaterials, like all composites, may exhibit complicated 
strain profiles when subjected to mechanical loading. At the unit cell level, the degree 
of non-uniformity in the strain profile is a function of loading, unit cell geometry, and the 
relative stiffness contributions of the composite’s constituent materials (in this case, 
copper conductive traces and a polymer dielectric substrate). Analytic expressions and 
multi-physics modeling are utilized to describe the relationship between substrate mod-
ulus, strain, and EM behavior. Testing was conducted to corroborate and validate the 
multi-physics models. An interesting result of this research is that depending upon the 
Elastic Modulus of the substrate, a consistent strain profile applied at the unit cell level 
can result in either a positive or negative shift in the metamaterial’s resonant frequency. 

© 2013 DEStech Publications, Inc. All rights reserved.
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This simplification imparts a near uniform in-plane strain-
profile throughout the metamaterial unit cell (Eij ≈ ∈ij); i.e. 
the differential term for the in-plane mechanical strain is 
constant throughout the unit cell, and identical to the global 
value. This enables straightforward analytic description of 
the metamaterial’s strain-dependent constitutive properties 
through relatively simple geometric expressions [10].

However, a number of metamaterial structures utilize 
lower modulus dielectrics as the substrate material. When 
a softer substrate is utilized, mechanical loading imparts a 
significantly more complicated strain profile within the unit 
cell, as demonstrated later, in Figure 9 and Figure 10. As a 
result, interpretation of the deformed geometry, and the re-
sultant change in the geometric parameters of the equivalent 
circuit elements, becomes increasingly complicated. 

This paper details efforts to understand the role that Elas-
tic Modulus plays in the strain-dependent EM properties 
of metamaterial structures. The first section details use of 
shear-lag models to describe strain transfer into the conduc-
tive traces of a metamaterial, and how those strain values are 
integrated into equivalent circuit models, allowing approxi-
mate predictions of a metamaterial’s strain-dependent EM 
performance. These analytic descriptions provide intuition 

and insight into the physical mechanisms of metamaterial 
strain-dependence. The next section details multi-physics 
numerical modeling performed to assess the validity and 
limitations of those analytic models. And the final section 
documents the development and utilization of a multi-phys-
ics test facility, and the empirical results used to verify and 
corroborate those models.

2.  ANALYTIC MODELING

2.1.  Shear-Lag Models

Shear lag models, developed and utilized for the com-
posites-repair and structural health monitoring communities 
[17,18,19,20,21], describe the strain transfer into layered 
structural systems. These provide useful insight and intu-
ition into the increasing level of non-homogeneity in the unit 
cell’s strain profile as the substrate’s modulus is decreased. 
Figure 2 depicts the geometric parameters used in the fol-
lowing shear-lag analysis.

The expressions from the 2-D analysis performed in [17] 
are normalized for a given boundary displacement (as op-
posed to a load at the boundary) to determine the level of 

Figure 1.  ELC unit cell design, courtesy of SensorMetrix [16], showing the copper conductive traces on a dielectric substrate. Cext is the cell-
to-cell capacitance and C1 is the capacitance between parallel copper traces within the unit cell. Upper Left: W = 1 mm, s = 0.254 mm, H = 
0.762 mm, d = 3.85 mm. Bottom Left: equivalent circuit model, where Cint = 2C1. Upper and Bottom Right: numerically retrieved scattering (S) 
parameters and phase diagram, respectively, showing a resonance at 9.33 GHz.
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stress in the conductive layer. Additionally, due to the con-
struction of many metamaterial unit cells, it is reasonable to 
assume perfect bonding between the substrate and copper 
[22] (i.e. the substrate will fail before the bond), leading to 
the following expression for the stress in the copper. 
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*t*), Y is the material’s Young’s 

Modulus, EXX is Δd/d, t are the thicknesses (Figure 2), 
t* = tS /tC, and Y 

* = YS /YC ; the subscript s refers to the sub-
strate, and the subscript c refers to the copper. Assuming lin-
ear elastic behavior, the strain in the conductive layer is then 
found via Hook’s Law, 
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Figure 3 shows the strain level in the copper (ΔL/L = ∈ii), 

as a function of modulus ratio (Y 
*) and strain at the boundar-

ies .
As Figure (3) demonstrates, due to the thicknesses of the 

substrate and conductive layers, ΔL/L experiences a rela-
tively minor change, even when there is a significant dispar-
ity in the moduli (10:1) of the materials. As a result, there 
is little difference in the strain-dependent EM-performance 
of the Y 

* = 10% and Y 
* = 100% metamaterial structures. 

However, as the modulus ratio is further reduced, the exten-
sion of the copper decreases appreciably; implying a signifi-
cantly different geometry and resultant strain-dependent EM 
response. These implications are validated later in this paper, 
via multi-physics FEM analyses. 

While the preceding shear-lag analysis was conducted on 
an idealized geometry (i.e. 2-D and d >> L, which are not 
representative of the geometry of a metamaterial unit cell), 
and does not account for shear-lag effects near the edges of 
the copper layer, the insight shall prove beneficial for under-
standing the interplay between substrate elastic modulus and 
the metamaterial’s strain-dependent EM response. 

Figure 2.  Depiction of a conductive trace placed on a dielectric substrate. For the shear lag analysis, d >> L and L >> tc , tC = 0.034 mm and 
tS = 1.5875 mm.

(1)

(2)

Figure 3.  Strain in the copper layer (ΔL/L = ∈ii ), as a function of modulus ratio (Y*) and edge displacement (Δd/d = Eii ). A slope of 1 (ΔL/L = Δd/d) 
is provided for reference. As shown in the graph, softer substrates are able to convey lesser amounts of strain into the overlaying copper layer.
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2.2.  Description via Equivalent Circuit Elements 

As demonstrated in [7,8,9,10,11], the use of equivalent 
circuit elements can be extremely powerful tools for gaining 
insight into the strain-dependent behavior of metamaterial 
structures. In [9], the strain-dependent resonant frequency 
for an ELC was predicted through the use of analytic expres-
sions. The angular resonant frequency (ω0 = 2πf0) for the 
deformed unit cell is given by

′ =
′ ′

=
′ ′

=ω ω ω0 0 0
1 1
L C

LC
L C L C* *

Where the primes denote the deformed geometry and the 
unprimed values are the baseline/unstrained parameters, and 
L* = L′/L and C* = C′/C. The self-inductance (L) of a thin, 
conducting strip can be approximated as [23]
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where l is length and b (Figure 1) is the width of the con-
ducting strip. Loop inductance can be neglected, due to the 
symmetry of this unit cell [9,10,24]. The capacitance (C) for 
a co-planar capacitor can be approximated as [25]
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where the geometric parameters are detailed in Figure 1 and 
Figure 2, the subscript a and s refer to air and substrate, re-
spectively, and α = 5/2.

As mentioned previously, [9,10] analyzed a metamate-
rial that was constructed on a thick, high modulus substrate. 
These simplifying assumptions enabled direct integration of 
the strained geometry into the above analytic expressions, 
and ensured the capacitors remained approximately parallel 
in the strained condition. However, as the substrate modu-
lus is decreased, the strain-profile for a mechanically-loaded 
unit cell becomes increasing complex (as depicted in Figure 
9 and Figure 10) and defies such straightforward description 
via analytic expressions. 

However, utilizing the values for the strain in the copper 
that were determined in Section 2.1, as well as the geometry 
of the unit cell (Figure 2), it is possible to generate first-order 
approximations of the changes in dimensions for both the 
copper layer, and the substrate regions between conductive 

traces. The strain level in the conductive traces is found via 
Equation (2)
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where β is the ratio of the strain in the copper to the strain 
in the unit cell. To determine the strain level in the substrate 
layer, between conductive traces, we can leverage a natural 
consequence of strain compatibility in solid mechanics; be-
cause the analysis is limited to linear-elastic behavior, strain 
is a continuous function and does not allow regions of mate-
rial gapping or overlap [26]. The following equation details 
that the total extension of the unit cell is equal to the sum 
of the extensions in the unit cell’s components (conductive 
traces plus regions of substrate between conductive traces) 
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where lc is the length of the conductive trace along the path 
of interest (Figure 4), ls is the total length of substrate along 
the same path (ls = d – lc), and χ is the ratio of the strain in 
the substrate (between conductive traces) to the strain at the 
unit cell level. 

Solving Equation (7) for χ leads to
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Figure 4.  Length of copper used to calculate C1 when subjected to 
EYY. lc is dependent upon the geometry of the unit cell, as well as the 
direction of the loading.
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(5)
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(7)

(8)
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The strain level in the substrate it then determined via the 
following equation,
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Table 1 shows β and χ for a variety of Y 
* values, for a 

unit cell subjected to an edge displacement in the Y-direction 
(displacement in the X-direction is held constant) and the 
dimensions shown in Figure (1) and Figure (2). As the table 
shows, a reduction in Y 

* implies a reduction in the strain 
level in the conductive traces (β details the reduction in 
strain transfer into the copper, as the substrate modulus is 
decreased) and a corresponding increase in the strain values 
in the substrate region between conductive traces (χ details 
how low degrees of strain transfer into the copper layer im-
ply large amounts of strain in the interlaying substrate re-
gions). 

These values for ∈iiC and ∈iiS can then be incorporated 
into Equations (4) and (5) to determine the deformed ge-
ometry which are used describe the metamaterial’s strain-
dependent inductance and capacitance. The values for L and 
C are then used to determine the resonant frequency as a 
function of modulus ratio and strain/boundary displacement, 

via Equation (3). It is important to note that this analysis 
is approximate because the analysis of Section 2.1 does not 
properly account for (a) the finite dimensions of the unit cell, 
(b) the unit cell’s resistance to rotations in the conductive 
traces, and (c) Equation (5) assume parallel capacitor pads 
when the unit cell is deformed under load; an assumption 
that is violated for certain loading scenarios, as the modulus 
ratio decreases (Figure 9 and Figure 10). As a result, this 
analysis tends to underpredict the extension in the copper, 
and overpredict the extension in the unreinforced substrate 
layers. 

Figure 5 and Figure 6 show the analytically-derived shifts 
in resonant frequency as a function of modulus ratio and EXX 
and EYY, respectively. As Figure 5 demonstrates, the meta-
material’s sensitivity to EXX decreases monotonically with 
reduced modulus ratios. However, Figure 6 (EYY) shows sig-
nificantly different behavior. As the modulus ratio is reduced 

Table 1.  Strain Multipliers for the Conducting and 
Substrate Regions of the Metamaterial Sample. 

Analysis Utilized Dimensions Detailed in Figure 1  
and Figure 2; t* = 46.7 and lc = 3.264 mm.

Y 
* β χ

∞ 1 1
100% 0.98 1.11
10% 0.82 1.95
1% 0.32 4.67

0.1% 0.04 6.13
0 0 6.39

Figure 5.  Analytically derived shift in resonant frequency as a function of strain (Exx) and modulus ratio. Change in resonant frequency: 
∆f f f0 0 0 0 0 2= ¢ - = ¢ -( ) / .ω ω π

(9)
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from 100% to 10%, the unit cell exhibits decreased sensi-
tivity to loading in the Y-direction; similar to the results in 
Figure 5. However, as the modulus ratio is decreased further, 
the trend reverses direction (i.e. a tensile load now induces 
an increase, as opposed to a decrease, in the resonant fre-
quency) and departs from linearity. 

3.  NUMERICAL MODELING

To effectively model the complex interplay between me-
chanical loading, constituent mechanical properties, and EM 
performance, COMSOL Multiphysics 3.5a [27] was utilized 
to directly measure the EM performance of the mechani-
cally-strained unit cell. The unit cell does not incorporate 
electro- or magneto-strictive materials so it is assumed that 
the relationship between mechanical strain and EM perfor-
mance is causal (as opposed to coupled), implying that me-
chanical strain influences the EM performance, but the EM 
environment does not directly impart mechanical loading/
strain on the unit cell. Consistent with the previous analy-
sis, mechanical loads/strains are conveyed into the unit cell 
via displacements at the periodic boundary surfaces to en-
able direct comparison of the strain-dependent response of 
metamaterials with differing substrate moduli. Additionally, 
this loading method enabled direct comparison with the AN-
SYS-HFSS [28] results from [9,10,29], which ensured con-
sistency between the disparate models and software pack-
ages (i.e. model verification) and allowed model validation 
with the test results, presented later. 

The Structural Mechanics module in COMSOL was uti-
lized to determine the complex, 3-D deformed geometry of 
the loaded metamaterial unit cell (some examples shown 
in Figure 9 and Figure 10). As in [9,10,29], the mechani-
cal model assumes linear elastic behavior in the constituent 
materials. The deformed geometry was then tracked by the 
Arbitrary Lagrangian-Eulerian (ALE) moving mesh mode in 
order to serve as the configuration for the EM analysis in the 
RF Module. 

The model was constructed to take advantage of nested 
parameter sweeps. Boundary displacements were stepped 
from –5 to +5% (Δd/d), in one direction, while the orthogo-
nal boundaries were constrained. Within each loading step, 
the deformed geometry was incorporated into the RF Mod-
ule in order to perform a frequency sweep and extract S-pa-
rameter data. Figure 7 and Figure 8 show the COMSOL re-
sults detailing the change in resonant frequency as a function 
of strain and modulus ratio. The dimensions and parameters 
are the same as those described in Figure 1 and Figure 2. 
As in [9], the shift in the metamaterial’s resonant frequency 
is the superposition of the influence of the individual strain 
components. Note the similarity between the numerical re-
sults (Figure 7 and Figure 8) and the first-order analytic ap-
proximations (Figure 5 and Figure 6).

As in Figure 5, Figure 7 shows a reduction in modulus 
ratio leads to a decrease in the metamaterial’s sensitivity to 
X-directed normal strains. As described earlier, a softer sub-
strate conveys less strain into the conductive traces, result-
ing in less change in the unit cell’s inductance and capaci-

Figure 6.  Analytically derived shift in resonant frequency as a function of strain (Eyy ) and modulus ratio. Change in resonant frequency: 
∆f f f0 0 0 0 0 2= ¢ - = ¢ -( ) / .ω ω π
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tances. Additionally, the trend remains approximately linear 
over the range of material properties investigated. 

Figure 8 shows the metamaterial’s shift in resonant fre-
quency as a function of modulus ratio and strain in the Y-
direction. Similar to the trends depicted in Figure 6, as the 

substrate’s modulus is continuously decreased, the numeri-
cal results predict a decrease in the metamaterial’s sensitivi-
ty to strain, eventually resulting in a departure from linearity, 
and an eventual reversal of the trend. As detailed in Section 
2.2, when the modulus of the substrate drops below a criti-

Figure 7.  Numerically derived (from COMSOL) shift in resonant frequency as a function of strain (Exx ) and modulus ratio. Change in resonant 
frequency: ∆f f f0 0 0 0 0 2= ¢ - = ¢ -( ) / .ω ω π

Figure 8.  Numerically derived (from COMSOL) shift in resonant frequency as a function of strain (Eyy ) and modulus ratio. Change in resonant 
frequency: ∆f f f0 0 0 0 0 2= ¢ - = ¢ -( ) / .ω ω π
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Figure 9.  Electric field, superimposed on the (software exaggerated) deformed geometry. On the left are samples with low modulus substrates 
(Y* = 1%), on the right are samples with high modulus substrates (Y* = 100%). Top two pictures depict Exx = –5%, bottom two pictures depict Exx 
= +5%. The two scales to the right of each picture detail the strength of the electric field (left bar) and total displacement (right bar). Simulations 
were run in COMSOL.

cal value, a tensile strain in the Y-direction now results in an 
increase in the metamaterial’s resonant frequency. 

Figure 9 and Figure 10 show some of the simulation re-
sults depicting the electric fields superimposed over the de-
formed geometry of the unit cell. Figure 9 (EXX) shows that 
the capacitors remain approximately parallel, even when 
utilizing a low modulus substrate and applying relatively 
large levels of strain. Additionally, the softer substrate con-
veys a diminished level of strain into the conductive traces, 
resulting in decreased sensitivity to the applied boundary 
displacements. 

Figure 10 (EYY) demonstrates a similar reduction of the 
extension in the conductive layer, when using a softer sub-
strate. However, of particular interest are the exaggeration of 
the capacitive gap and the non-parallel orientation between 
the capacitor faces, for low values Y*. Both of these factors 

help to explain the departure from linearity as the modulus 
of the substrate is reduced. 

4.  TESTING/EMPIRICAL RESULTS

4.1.  Metamaterial Samples

The metamaterial samples tested in this effort featured a 
6″ × 6″ metamaterial section (array of copper traces), cen-
tered on a 6″ × 12″ piece of dielectric substrate material. This 
provided a large metamaterial region for free-space charac-
terization, and provided a near-uniform strain-field within the 
central portion of the sample; where the majority of the energy 
from the Gaussian beam was focused. The substrate materials 
chosen for this effort were Rogers RT/Duroid 5880 [30] and 
Pyralux [31]. 
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Three different configurations, with two samples per con-
figuration, were produced to test different strain profiles and 
material properties. The sample configurations are shown in 
Table 2.

4.1.1.  Mechanical Characterization

To verify the mechanical properties required for analytic 
and numerical analyses, as well as the development of the 

loadframe control schemes (detailed later), substrate materi-
als were tested in accordance with ASTM D 3039 [32] or 
ASTM D 882 [33], depending upon the thickness of the ma-
terials. Figure 11 and Figure 12 show the stress strain curves 
for the 5880 and Pyralux, respectively. 

As seen in the curves, the 5880 is an inherently non-linear 
material; removing the load also demonstrated the material 
to be inelastic over the tested range. The Pyralux, on the 
other hand, demonstrated a higher degree of linearity and 

Table 2.  Metamaterial Sample Configurations. The Table Includes Modulus Ratio (Y*), Thickness Ratio (t*), Copper 
Strain Transfer Ratio (β), Substrate Strain Transfer Ratio (χ), Permittivity of the Substrate (εs).

Substrate Material Copper Thickness Y* t* Y*t* β χ εs

Pyralux 0.5 oz/17 µm 7.3% 12.3 0.9 0.33 4.6 3.5
Pyralux 1 oz/34 µm 7.3% 6.2 0.5 0.44 4.0 3.5
5880 1 oz/34 µm 1.6% 46.7 0.8 0.47 3.8 2.2

Figure 10.  Electric field, superimposed on the (software exaggerated) deformed geometry. On the left are samples with low modulus substrates 
(Y* = 1%), on the right are samples with high modulus substrates (Y* = 100%). Top two pictures depict Eyy = –5%, bottom two pictures depict Eyy 
= +5%. The two scales to the right of each picture detail the strength of the electric field (left bar) and total displacement (right bar). Simulations 
were run in COMSOL.
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Figure 12.  Tensile stress-strain curves for the Pyralux material samples. Curves to the right show strain in the direction of loading, curves to the 
left show strain in the orthogonal direction.

Figure 11.  Tensile stress-strain curves for RT/Duroid 5880 material samples. Curves to the right show strain in the direction of loading, curves 
to the left show strain in the orthogonal direction.
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Figure 13.  Numerically derived (COMSOL) resonant frequency shift, as a function of applied strain for both the Pyralux and 5880 samples. 
Included are linear curves, fit to the data. These trends are required to correlate the strain profile seen during testing, with the predicted change 
in resonant frequency. The Pyralux samples with 1/2 and 1 oz copper traces exhibited a 2% difference in the trends predicted in the modeling, 
so a single trend was utilized for both configurations.

elasticity. For both materials, it was assumed they could be 
approximated as linear, for the range of anticipated strains, 
with minimal loss of accuracy. For the 5880, a Young’s 
Modulus of 1.75 GPa/254 ksi was utilized, while a value of 
8 GPa/1160 ksi was used for the Pyralux. Both values were 
significantly higher than the published values provided by 
the vendors.

Table 2 shows the different configurations, and the as-
tested values of Y *, t*, β, χ, and εs for the samples.

4.1.2.  Numerically-Predicted Strain-Dependence

COMSOL was used to predict the metamaterial samples’ 
sensitivity to boundary displacements. Figure 13 shows the 
results from the multi-physics modeling. Of note is the simi-

larity in the trends. While the modulus of the 5880 is much 
lower than that of the Pyralux, the 5880 samples were sig-
nificantly thicker. Additionally, the copper traces were much 
thinner (i.e. “b” in Equations (4) and (5) was ~0.1 mm, as 
opposed to the 0.254 mm specified to the vendor), resulting 
in less structural rigidity and a greater amount of strain being 
conveyed into the copper. According to the COMSOL simu-
lation results (Figure 13), the shift in resonant frequency can 
be described via the following set of equations, which allow 
predictions of the resonant frequency for arbitrary strain pro-
files (values of EXX and EYY) in the metamaterial: 

∆

∆

f E E

f E E

Pyralux
XX YY

XX YY

0

0
5880

4 37 1 87

4 78 1 97

= − −

= − −

. .

. .
(10)
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Figure 14.  Multiphysics metamaterial test facility. Shown in the picture are the metamaterial sample, the loadframe, loadframe control computer, 
wedge grips, RF horns and focusing lenses, and vector network analyzer.

4.2.  EM Characterization of Mechanically-Loaded 
Metamaterials

4.2.1.  Set-Up

A unique test facility was established at the Center for 
Metamaterials and Integrated Plasmonics at Duke Universi-
ty in order to generate empirical data on the strain-dependent 
EM performance of metamaterial samples. An Instron [34] 
5567, 30 kip electromechanical loadframe served as the cen-
terpiece for the facility and was used to impart mechanical 
loads into the metamaterial sample, via a set of 6-inch wide 
wedge grips, developed by Wyoming Test Fixtures [35]. The 
wedged design grips the sample with a compressive force 
proportional to the tensile load applied via the loadframe 
(i.e. the clamping force increases as the loading on the sam-
ple is increased). This prevents the sample from prematurely 
tearing due to excessive compressive loading at the grip 
faces. Due to the smooth surface finish of the metamaterial 
samples, tungsten-carbide grit was chosen for the grip-face 
surfaces in order to prevent slippage during tensile testing. 
Additionally, the design of the wedges ensure the central 
plane of the sample is coincident with the load axis of the 
test frame. S-parameter characterization of the metamate-
rial sample was accomplished with an Agilent Technologies 
N5245A PNA-X Network Analyzer [36]. Rozendal Associ-

ates [37] RF Horns (frequencies of operation: 8.2–12.4 GHz) 
with 2 foot focal length lenses, provided a focused Gaussian 
beam at the center of the metamaterial sample. Figure 14 
shows the test facility at Duke University.

This research also required a method for assessing the 
strain-field on the metamaterial surface. Photogrammetry 
was chosen because it (a) provides a continuous descrip-
tion of the strain-field over a large area and (b) does not in-
terfere with the RF characterization of the metamaterial. A 
16 megapixel Nikon/Kodak Professional SLR camera [38], 
with a non-zooming, wide angle lens, and high performance 
flash were used to generate the high-resolution imagery nec-
essary to determine the strain profile on the loaded metama-
terial samples. 

4.2.2.  Test Conduct

To prepare the facility for the metamaterial characteriza-
tion, a thick metal plate was placed in the wedge grips and 
tension was applied from the loadframe. This was performed 
to ensure the wedge grips were coplanar (not rotated with 
respect to one another) and maintained that relationship as 
load was applied to the sample. Twin laser levels were then 
aligned with witness marks on the sides of the wedge grips. 
The mechanical linkage between the loadframe and wedge 
grips provided some laxity about the Y-axis. The laser levels 
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Table 3.  Entrance and Exit Times for the Timegates 
Used for the RF Characterization of the Metamaterial 

Samples. For the Times Shown, a Value of Zero 
Indicates the Time at Which the Electromagnetic 

Wave Hits the Front Surface of the Sample.

Gate Entrance Gate Exit

Gate 1 –500 ps 1 ns
Gate 2 –500 ps 2 ns
Gate 3 –500 ps 3 ns
Gate 4 –500 ps 4 ns

provided assurance that the front plane did not translate or 
rotate between the calibration steps and testing of the meta-
material samples (critical for future retrieval of the sample’s 
permittivity and permeability). In tests conducted at the 
Air Force Research Laboratory/Space Vehicles Director-
ate, a VICON IR motion capture system [39] validated this 
process, determining out-of-plane displacements (between 
samples) were on the order of λ/50. The laser levels and wit-
ness marks were utilized every time a sample was replaced, 
ensuring the grips did not rotate between RF characteriza-
tion steps. Additionally, the “return to zero” function on the 
loadframe was utilized to ensure a consistent Y-location of 
the grips, for all calibration and metamaterial tests.

This testing required a high level of resolution in the 
S-parameter data generated from the testing. As a result, a 
Gated Reflect Line (GRL) calibration, utilizing the Agilent’s 
Freespace Calibration software [36], was performed to miti-
gate the effects of standing waves in the facility. To ensure 
the accuracy of the GRL calibration, samples (acrylic, sty-
rene) with known material properties (permittivity and per-
meability) were tested to validate the quality of the calibra-
tion. 

After calibration, the metamaterial sample was clamped, 
via the wedge grips, within the loadframe. Baseline/no load 
RF characterization was performed on the sample. A number 
of time-gates were utilized to ensure the test data captured 
the resonant behavior of the metamaterial while minimizing 
the effects of standing waves. Figure 15 shows the S-param-
eters retrieved from two samples, using a variety of time-
gates. The time gates used are shown in Table 3; a time of 
zero equates to the time at which the electromagnetic wave 
hits the front surface of the sample. All test results given in 
the remainder of this paper utilize time gate #2.

After RF characterization, a precision scale (ruler) was 
attached to the front of the sample (provided a length ref-
erence for the photogrammetry) and a number of pictures 
were taken, from a variety of angles, in order to determine 
the baseline geometry of the sample. Figure 16 contains two 
pictures taken during this effort. 

After collecting data on the baseline RF performance and 
geometry, tensile loading was applied to the metamaterial 
sample. The loadframe was controlled via Bluehill2 version 

2.9 [34] software, and utilized several programmed hold 
points during the loading profile. Once the loadframe hit a 
pre-determined load level, a “hold” was initiated to maintain 
a constant cross-head displacement/strain level. The sample 
was allowed to stress-relieve for 2–3 minutes (depending 
upon material) to ensure the unit cell geometry was stable at 
the new displacement level. Figure 17 shows the load history 
from one of the tests. The curve shows evidence of signifi-
cant stress-relieving in the metamaterial sample. 

Once the load level had attained a near steady state, RF 
characterization was performed at the deformed geometry, 
the scale/ruler re-applied, and pictures taken for assessing 
the sample’s strain profile at the loaded/deformed geometry. 
The “hold” on the loadframe control was ended, and the pro-
cess (load the specimen to the next programmed hold, allow 
material stress-relieving to settle, perform RF characteriza-
tion, take photographs) was repeated for each “hold” posi-
tion delineated in the control scheme. 

4.2.3.  Results

To correlate the COMSOL model predictions with the re-
sults, it was necessary to determine the strain profile (EXX 
and EYY values) of the metamaterial sample. Photomodeler 
version 6 [40] software was utilized to integrate the 10–12 
photographs at each load increment and determine the spac-
ing between the points denoted in Figure 16. That number 
of photographs over-defined the geometry, but improved the 
precision of the generated geometric solution. Assessing the 
strain in the loaded sample was then distilled to determining 
the change in length between points. Multiple examination 
distances were recorded to (a) ensure a consistent strain field 
over the center of the metamaterial sample, and (b) provide 
better statistics for the strain values and the resultant shift in 
resonant frequency. 

Table 4 details the strains that were ascertained via pho-
togrammetry (given as a range of values). The values were 
input into Equation (10) to determine the software predicted 
shift (Δfave) in the metamaterial’s resonant frequency. This 
is also given in Table 4, along with the standard deviation in 
the predictions, and the results from the free-space EM char-
acterization. As the table shows, the predictions are in strong 
agreement with the tests. This agreement is noteworthy, due 
to the numerous sources of errors in the process: mechanical 
properties and the approximation as a linear trend, dimen-
sional tolerances of the sample, numerical analysis, the onset 
of plasticity in the samples, the photogrammetric determina-
tion of the strain values, and the accumulation of multiple 
round-off errors. 

Table 4 also demonstrates how the different materials 
exhibit disparate EM responses when subjected to similar 
loading scenarios. Applying a Y-directed load to the Py-
ralux samples generated a decrease in the resonant fre-
quency, while the same load input generated an increase in 
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Figure 15.  Experimental baseline readings on a 5880 and Pyralux sample, showing a number of timegates. As the graphs demonstrate, an 
increase in the window for data collection allows improved capture of the resonant response, but at the expense of also capturing additional 
spurious reflections from the test facility. The response with no time gating is shown for reference. Also shown are numerical simulation results 
(COMSOL). The simulated frequency range was truncated to focus on the resonance, in an effort to reduce computation time.
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the resonant frequency of the 5880 samples. As Figure 13 
shows, both materials exhibit similar sensitivities to each 
of the strain components (EXX and EYY). However, Figure 
11 and Figure 12 show that the substrate materials exhibit 
significantly different Poisson’s ratios (–EXX/EYY: 0.4 for 
the 5880 and 0.25 for the Pyralux), so the same externally 
applied load/strain results in different strain values in the 
orthogonal direction. When these strain profiles are input 
into Equation (10), they lead to predicted shifts in oppos-
ing directions.

Figure 18 shows the S21 values retrieved during a test on 
one of the samples. Of note is the decrease in the strength 
of the resonant response when the sample is loaded. Unlike 
standard “dog-bone” tensile specimens [32], which provide 
consistent levels of stress and strain throughout the test sec-
tion, the edges of the metamaterial sample (with its thin and 
wide configuration) display significant deviations from the 
strain profile at the center of the sample. While the majority 
of the EM energy does interact with the center of the meta-
material sample, the non-uniformity in the strain profile ef-
fectively spreads the spectrum of the response (because unit 

cells with different strain profiles resonate at different fre-
quencies) and decreases the metamaterial’s overall resonant 
response. Other efforts experimentally demonstrated this 
phenomenon [7,8], but did not detail the underlying physical 
mechanisms. 

5. CONCLUSIONS

This paper demonstrates that the substrate’s modulus 
plays a significant role in the strain-dependent electromag-
netic performance of metamaterial structures. Depending 
upon the relative thickness and modulus of the constituent 
materials, the metamaterial can exhibit dramatically differ-
ent strain-dependent responses when subjected to mechani-
cal loading. Shear-lag models were utilized to describe load 
transfer from the dielectric substrate into the conductive 
traces on the surface of the substrate, and how load transfer 
changes as a function of substrate modulus. Equivalent cir-
cuit parameters are leveraged to explain how the different 
strain values in the substrate and conductive traces translate 
into changes in the metamaterial’s resonant frequency. Mul-

Figure 16.  Pictures of the metamaterial surface for strain-mapping via photogrammetry. Photographs were taken from a variety of angles in 
accordance with best practices [40]. Included in both pictures is the ruler used to provide a length reference.

Table 4.  Comparison of the Predicted Shifts in Resonant Frequency and Empirical Results. Also Shown are the 
Strain Values Determined via Photogrammetry, Which are Required to Determine the Predicted Shift.

Pyralux, 1/2 oz 
Cu, Sample 1, 

2400 lbs

Pyralux, 1/2 oz 
Cu, Sample 2, 

2400 lbs

Pyralux, 1oz 
Cu, Sample 
1, 2400 lbs

Pyralux, 1oz 
Cu, Sample 2, 

2400 lbs

5880, 
Sample 1, 
1200 lbs

5880, 
Sample 1, 
1600 lbs

5880, 
Sample 2, 
1250 lbs

EXX (%) –1.12 to –1.06 –1.12 to –0.99 –1.25 to –1.19 –1.12 to –1.06 –0.73 to –0.59 –1.26 to –0.99 –0.79 to –0.66
EYY (%) 4.16 to 4.3 4.03 to 4.1 3.76 to 3.96 4.03 to 4.1 1.10 to 1.14 1.83 to 1.87 1.10 to 1.14
Predicted Δf0 (GHz) –0.032 –0.030 –0.020 –0.029 +0.009 +0.018 +0.012
Stand Dev Δf0 (GHz) 0.002 0.003 0.002 0.001 0.006 0.003 0.003
Test Results Δf0 (GHz) –0.039 –0.032 –0.026 –0.029 +0.011 +0.018 +0.013
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tiphysics modeling is then utilized to predict the relationship 
between mechanical strain, material moduli, and electro-
magnetic performance. To validate these models, a unique 
test facility at Duke University was established to generate 
empirical data on the EM performance of mechanically-
loaded metamaterial samples. 

In order to successfully transition metamaterials onto 
operational systems, these relationships must be understood 
to enable predictions of EM performance in a relevant en-
vironment. Additionally, developing a better understanding 
of the intimate linkage between mechanical properties and 
EM performance will allow engineers to more intelligently 
design and perform multi-dimensional optimization of these 
unique multifunctional structures.

NOMENCLATURE

	 β =	 Ratio of the strain in the conducting layer, to the 
strain at the unit cell level, (Δl/l)/(Δd/d)

	 Eii =	 Strain of the unit cell in the i-direction, Δdi/di
	 ∈ii =	 Differential strain at a point. Analysis is restricted to 

normal strains, ∂ui/∂xi
	 f0 =	 Resonant Frequency. f0 = ω0/2π
	 χ =	 Ratio of the strain in the substrate, between conduc-

tive traces, to the strain at the unit cell level, (Δs/s)/
(Δd/d)

	 ω0 =	 Angular resonant frequency. ω0 = 2πf0
	 Y =	 Young’s, or Elastic, Modulus. The use of a subscript 

denotes a particular material.

Figure 17.  Typical load/time curve from one of the Pyralux sample tests. The graph demonstrates significant stress relieving in the samples 
during each of the programmed holds (i.e. mechanical loadframe crosshead maintains constant position). RF characterization and photography 
from strain mapping were performed after the load had stabilized during one of the hold periods.

Figure 18.  Data set from one metamaterial sample (Pyralux, 1oz, #1). The loads shown refer to the loadframe hold points at which the data was 
taken. Typical of the results from the testing conducted during this effort, the figure demonstrates: (a) the strain-dependent shift in the resonant 
frequency, and (b) spreading of the spectral response and (c) a decrease in the resonant strength, at load.
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1. INTRODUCTION

The use of advanced composites in lieu of traditional
metals has been considerably expanded over the last couple 
of decades. Recent examples include the new commercial 
airplanes such as the Boeing 787 Dreamliner and the Air-
bus 380 and several other high profile military applications 
(Joint Strike Fighters of US Air Force and the DD-X multi-
mission destroyer of US Navy, for example), all featuring 
high use of composite materials. Compared to structural 
metals, composites offer several key advantages such as sig-
nificant weight savings, better reliability and durability, and 
lower manufacturing and maintenance costs. 

However, owing to the highly heterogeneous nature of 
composites, predicting composite strength and durability di-
rectly from constituent material properties (i.e., matrix, fiber, 

and matrix-fiber interface properties) remains an unresolved 
challenge despite decades of intensive research. Many of the 
challenging issues are related to the difficulty of develop-
ing practicable formulations for dealing with materials con-
taining complex material heterogeneity in the composites. 
Heterogeneity poses special problems with accurate predic-
tion of local stress and strain fields, which can vary strongly 
with local material features; and with predicting cracks and 
localized damage bands, which can appear during damage 
evolution not only on the material boundaries, but also on 
other surfaces that cannot be specified a priori. Such highly 
heterogeneous materials present unique challenges that can-
not be resolved by mainstream formulations of conventional 
materials/structures modeling. 

One challenge is that the scale of material heterogeneity 
is on the same scale as that of the features of the structures, 
which negates the common strategy of homogenizing the 
material properties in simulations. In the past, many strength 
criteria based on various homogenization theories have been *Corresponding author. Tel: 305-284-3221; Email: qdyang@miami.edu

© 2013 DEStech Publications, Inc. All rights reserved. 
doi:10.12783/issn.2168-4286/1.1/Yang

ABSTRACT

High-fidelity strength prediction of composites requires advanced numerical methods 
that can explicitly resolve the multiple damage processes and their nonlinear coupling 
at various scales. Nonlinear fracture models such as cohesive zone models are critical 
for damage descriptions and need to be properly embedded in a numerical framework 
so that correct coupling between different damage process zones can be guaranteed. 
This paper reviews the recent developments in advanced numerical methods that have 
the potential to address the important issue of progressive damage evolution in com-
posites. Candidate FE-based numerical methods, including X-FEM, A-FEM, and phan-
tom node methods, are reviewed and their capabilities in handling the multiple damage 
coupling in composites are assessed. Successful simulations of composites at various 
scales using the framework of A-FEM are presented and the numerical and material 
issues associated with these high-fidelity analyses are highlighted. Finally, we address 
the question of how to integrate all these different scale analyses into a single multiscale 
numerical framework by using the Arlequin coupling method.
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proposed. To name a few, Hashin’s mechanism based crite-
rion, Tsai-Wu criterion, and many continuum damage me-
chanics (CDM) based criteria such as in [1–4]. The success 
of these phenomenological criteria in assessing composite 
strength has been limited. A recent report on blind failure 
prediction of unidirectional polymer matrix composites 
(PMCs) revealed rather disturbing predictive capabilities of 
composite theories based on such strength criteria: virtu-
ally none of these homogenized composite theories can 
predict laminate strength satisfactorily under general load-
ing conditions. Discrepancies among different theoretical 
predictions are more than 100% and up to 1500% in ex-
treme cases [5]. 

The continuum damage mechanics (CDM) has also 
been used to better account for the progressive damage in 
composites. This approach considers the gradual reduction 
of load-bearing capability due to damage by introducing a 
damage parameter (or a tensor) into the material constitutive 
relation, which leads to irreversible damage evolution [2–4, 
6,7]. The CDM based theories can be conveniently formu-
lated into traditional finite element programs. But there are 
two inherent difficulties associated with this approach: (1) 
it cannot deal with highly concentrated crack-like damage, 
which is universal in composites; and (2) damage param-
eters calibrated from individual modes do not account for 
multiple damage mode coupling [8,9]. Linear elastic frac-
ture mechanics (LEFM) and its computational form virtual 
crack closure technique (VCCT) have been used to study de-
lamination cracks in laminated composites. But this method 
requires pre-existing cracks of finite size; therefore cannot 
deal with damage initiation from pristine materials or from 
traction-free composite edges [10]. 

Multiscale hierarchical modeling approach based on unit 
cell (UC) or representative volume element (RVE) analy-
ses and followed by homogenization from one scale to next 
higher level scale (hierarchical model) has also been pursued 
to account for the progressive damage evolution on macro-
scopic composite properties [11–17]. But without explicit 
inclusion of the multiple damage coupling, the homogeniza-
tion process will have to rely on either theoretical hypothesis 
or costly experimental program to calibrate key parameters 
(and in composites there are many of them!). 

Another unresolved challenge, which is even more criti-
cal to composite structural safety and durability, is how to 
accurately account for the damage initiation and propaga-
tion and liken their detrimental effects on structural integrity 
in a quantifiable way. For example, a distinctive feature of 
composite failure is that it is a progressive process involv-
ing many types of damage initiating and propagating in a 
strongly coupled fashion until final, catastrophic failure oc-
curs. In composite laminates, the damage manifests as ply 
cracking, delamination, fiber rupture (in tension), and kink 
band formation (in compression), etc. Strength criteria cali-
brated from individual damage modes cannot account for the 

nonlinear coupling of the many complex damage systems. 
These challenges call for advanced numerical analysis 

platforms that can (1) efficiently deal with arbitrary material 
heterogeneity and possible progressive damage/debonding 
along material interfaces; (2) explicitly representing multiple 
damage modes and their nonlinear coupling during damage 
evolution. To achieve such high-fidelity analysis capability, 
several important numerical and material barriers need to 
be overcome: (1) full understanding of the mechanisms that 
control the initiation and propagation of these different types 
of damage and the length scales they operate on; (2) accurate 
accounting for the interaction among the co-evolving dam-
age modes; (3) faithfully generating the multiple transverse 
cracks without knowing their locations a priori. 

In this paper, we shall review and discuss the recent de-
velopment of advanced numerical methods that can poten-
tially meet the challenge of faithfully simulating the coupled 
multiple damages at various scales in composite materials.

2.  NONLINEAR FRACTURE MODELS FOR  
COMPOSITE MATERIALS

Most damage modes in composites are in the form of 
crack-like entities and they interact with each other at vari-
ous scales. When dealing with multiple crack interactions 
the nonlinear cohesive zone models (CZMs) are essential be-
cause they unify the processes of crack initiation and growth 
within a single physically-consistent model [18–27]. Most 
fracture process zones in PMCs are of size 0.1–1.0 mm. As 
will be seen shortly, the cohesive zone models allow for 
correct accounting of the nonlinear interaction of different 
fracture processes, while the linear elastic fracture mechan-
ics (LEFM), due to its non-physical nature at the limit of 
small crack length, cannot guarantee such correct coupling 
[26,28–41]. 

Figure 1 gives an example that strongly supports this 
view point. In Figure 1(a) the load-displacement of a bonded 
polycarbonate (PC) specimen with a pre-existing notch with 
root angle 120° under three-point bending test is shown. The 
bond-line is at an angle of 30° to the specimen longitudinal 
direction and the fracture toughness along the bond-line is 
at least three times smaller than that of the PC. The LEFM, 
which simply compares the energy release rates (ERRs) ra-
tio of the interface crack to its toughness (Gi /Γic), against the 
ERR ratio of a local mode-I kink crack (Gk /Γkc) [42], pre-
dicts a complete interfacial crack propagation. However, re-
peated tests showed that kinking crack would form as shown 
in Figure 1(b). Only with cohesive zone modeling and with 
proper consideration of crack branching [43,44], were the 
fracture behavior and load-displacement curves correctly 
predicted [Figure 1(a) and 1(c)]. 

This example on bonded bulk PC specimens has a sig-
nificant implication on composite fracture analyses because 
such crack kinking and coalescence processes are quite 
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universal in laminated or textile composites. For example, 
crack jumping from one interface to another [44] involves 
both transverse crack kinking (from one interface into a 
transply) and crack merging (from transply into another in-
terface). One of the important messages from this study is 
that, crack branching is a competition between two fracture 
process zones and careful numerical treatment is needed to 
ensure proper stress and deformation coupling between the 
two fracture process zones. The LEFM view that a kinking 
process is purely determined by the two competing ERR-
toughness ratios is non-physical. Both the ERRs and cohe-
sive strengths play an important role in determining whether 
an interface crack should kink into the neighbouring ply (a 
similar observation has also been made by Thouless and 
colleagues in [37,45]). The above successful simulation 
was done using an augmented cohesive element (ACZ) re-
cently developed by Fang, Yang et al. [43], which will be 
introduced in more detail shortly. We note that the common 
practice of coupling X-FEs or A-FEs with standard CZ ele-
ments, as in many previous analyses cannot yield the correct 
response in this case [46,47]. 

While the cohesive zone models are excellent in de-
scribing the fracture processes in composites, they need to 
be incorporated into numerical platforms such as FE pro-
grams as special elements. This implementation has a major 
shortcoming because it needs a crack path to be known a 
priori so that the CZ elements can be properly defined in 
a numerical model. However, in composites such informa-
tion is not available. Recent developments in advanced nu-
merical methods for introducing arbitrary discontinuity in a 
continuum have made it possible to include most cohesive 
descriptions of major crack systems in structural models to 
account for the progressive damage. This will be reviewed in 
more detail in next section.

3.  ADVANCED NUMERICAL METHODS FOR  
ARBITRARY CRACKING

3.1.  PoU Finite Element Based X-FEM and PNM

Standard FEM cannot adequately describe a discontinu-
ous displacement field within an element because the shape 
function for intra-element displacement interpolation is con-
tinuous. This can be seen from the standard elemental inter-
polation below, 
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where uh(x) is the approximate displacement field. me
i  is 

the number of nodes in element i and ne is the total number 
of elements. Since the shape functions, N j

i ( ),x  are continu-
ous, such a formulation cannot describe intra-element dis-
continuities. Any discontinuities have to be arranged along 
inter-element boundaries. Recently, this difficulty has been 
successfully overcome by the partition-of-unit based finite 
element methods (PUFEM) [48,49], including the extended 
finite element method (X-FEM) [33,50–57] and the phantom 
node method (PNM) [46,58–61]. The seminal theory of PoU 
enables these methods to deal with discrete discontinuities 
(cracks and shear bands, etc) by adding extra nodal DoFs (as 
in X-FEM) or phantom nodes (as in PNM) within the finite 
element framework. 

The X-FEM method treats a crack explicitly by intro-
ducing local enrichment to cracked elements. The local 
enrichment procedure employs the known asymptotic dis-
placement field for crack tip regions and the generalized 
Heaviside function for the crack wake region. In such cases, 

Figure 1.  (a) comparison of experimentally measured, CZM simulated, and LEFM predicted load-displacement curve of an adhesively-bonded, 
pre-notched PC specimen under three-point bending. (b) experimental observation of kinked crack; and (c) simulated kinking using nonlinear 
cohesive zone model.

(1)
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the displacement field can be expressed in a general form as 
follows

u x x u x x x xh
j j
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j jk j jl l
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where n is the total number of nodes; Jk is the node set that 
contains the nodes that are cut by traction free cracks; and 
Jl is the node set that influenced by a crack-tip singular dis-
placement function (enrichment function) pl (x). H(x) is the 
generalized Heaviside function. djk and φjl are the associated 
DoFs to H(x) and pl (x), respectively. Note that in Equation 
(2) the uj is not the complete nodal displacements, but the 
continuous part of it. The discontinuous part is accounted 
for by djk H(x) and φjl pl (x). For a moving cohesive crack, by 
introducing H(x) and pl (x) as enrichment functions, Equa-
tion (2) can fully account for the discontinuous displacement 
field. Moreover, the discontinuity treatment is local in the 
sense that only those nodes whose support domains are cut 
by a crack need to be enriched. 

An inconvenience associated with the X-FEM is that this 
enrichment process requires the addition of extra DoFs dy-
namically to these nodes, i.e., it requires nodal DoFs be ad-
justable depending on whether a node is being completely 
cut or not [50,53,60,62–65]. This makes it difficult to inte-
grate such methods into standard finite element programs. 

Although it has been demonstrated that the X-FEM is very 
efficient in dealing with arbitrary cracks in homogeneous 
materials, successful reports of X-FEM in analyzing arbi-
trarily cracking heterogeneous materials such as laminated 
or textile composites remain relatively few [53,54]. The ma-
jor difficulty comes from the inconvenient handling of both 
the material heterogeneity and the crack coalescence/bifur-
cation within the X-FEM framework. First of all, analyti-
cal forms of enrichment functions for bi-material interfaces 
may not be readily available; secondly for multiple crack 
interaction the enrichment level will be unduly high and it 
quickly becomes intractable when crack number increases. 
Furthermore, tracing the evolution of complex fracture sur-
faces of multiple cracks in X-FEM or PNM quickly becomes 
extremely tedious and numerically burdensome because in 
such cases, there are no universal tracking algorithms that 
can judiciously assign different copies of DoFs or nodes to 
different cracks for complex crack configurations [66]. 

Another approach that requires less or no additional DoFs 
when treating intra-element discontinuities is the embedded 
discontinuity approach. This method follows the earlier re-
search in smeared localization models or enhanced finite 
element methods [67–71] and it has been extended to ac-
count for discrete discontinuities by several research groups 
[72–80]. This approach seeks to enrich the elemental strain 
field by introducing displacement jumps with certain defor-
mation modes (constant, linear, etc) in addition to the normal 

continuous displacement field. The coefficients of the defor-
mation modes are considered as additional DoFs, which are 
either assigned to additional nodes as a global DoFs such as 
in [77], or fully condensed at elemental level as in [75,76]. 
As discussed above, adding extra nodes for each discontinu-
ity may cause extra numerical burden for tracing multiple 
interactive cracks. The internal DoF condensation approach 
is therefore more appealing when dealing multiple crack 
interactions. However, this method suffers from possible 
stress locking because in many cases the assumed defor-
mation modes are not permissible with the sub-domain el-
emental deformation modes. Furthermore, construction of 
an enhanced or augmented element with embedded multiple 
cracks to permit arbitrary crack merging and bifurcation be-
comes extremely tedious and difficult.

3.2.  Augmented Finite Element Method (A-FEM)

An alternative numerical method that can also treat the 
arbitrary cracking problem but is not based on PoU method 
is the augmented finite element method (A-FEM) based on 
the seminal work of Hansbo and Hansbo [81,82]. The es-
sence of this method is to use overlapping paired elements 
to describe a strong (e.g. a distinct crack) or weak (e.g. a 
bi-material interface) discontinuity in a physical element 
that is bisected by a discontinuity. One of the advantages 
of this method is that it uses only standard finite element 
(FE) shape functions (i.e., more compatible with existing FE 
programs) and it can conveniently consider both weak and 
strong discontinuities [83,84]. Based on this concept, Ling, 
Yang et al. [85] recently proposed an element with one or 
multiple copies of element nodes, to account for an arbitrary 
intra-element crack but otherwise remain a standard finite 
element. This so-called augmented finite element (A-FE) is 
fully compatible with existing FE programs and has been im-
plemented into a commercial FE program as a user-defined 
element [44,86,87]. Below we briefly introduce the A-FEM 
formulation with embedded cohesive damage descriptions.

Referring to Figure 2(a), two bonded solid elements are 
assigned two sets of corner nodes (4-3-8-7-4′-3′-8′-7′ for the 
top element and 5-6-2-1-5′-6′-2′-1′ for the bottom element). 
For each A-FE, the first four nodes are physical nodes and 
the next four nodes with superscript “ ′ ” are virtual nodes. 
If the prescribed crack initiation criterion is met, one or both 
of the solid A-FEs will be augmented to allow for displace-
ment discontinuity across the intra-element crack(s) [Figure 
2(b)]. For example, the top A-FE will be augmented into 
two Mathematical Elements (MEs), i.e., ME1 with 4-3′-8′-7 
and ME2 with 4′-3-8-7′. The two MEs may be connected by 
nonlinear spring elements or cohesive tractions for a cohe-
sive crack. Both MEs employ standard FE shape functions 
for elemental displacement interpolation, i.e.,

u x N x dα α α( ) ( )=

(2)

(3)
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where N(x) are the standard FE shape functions and dα(α = 
1 and 2) are the nodal displacements of ME-α. Equation (3) 
now allows for different displacement fields in physical do-
mains Ω1

e  and Ω2
e ,  which makes it possible to account for 

the discontinuous displacements (or displacement jumps) 
across the cohesive crack Γc. The displacement jumps across 
the crack in the A-FE can be simply obtained as:

w x u u N ) d d( ) ( ) ( ) ( ( )= − = −2 1 2 1Γ Γ Γc c c

Here w(x) is the crack displacement in global coordi-
nates. If the two MEs are connected by a cohesive crack, the 
displacement jumps are the cohesive opening displacement 
expressed in global coordinates. Denote by R the rotational 
matrix that links the global coordinates to the local coordi-
nates defined by the solid crack direction and the direction 
normal to it, i.e., 

R =
−









cos sin
sin cos

θ θ
θ θ

with θ being the angle between crack line and global x-direc-
tion. The local displacement jumps can be written as

δ = ={ }δ δt n
T Rw

The superscript “T” denotes matrix transpose. δt and δn 
are the shear and normal crack displacements measured in 
local coordinates. It follows that the cohesive traction as-
sociated with the crack is

′ = = ft fT
nt

T{ } { ( ) ( )}τ σ δ δ

where τ and σ are shear and tensile cohesive stresses in the 
local coordinates, respectively, and ft(δ) and fn(δ) are trac-
tion-separation relations for shear and opening mode, re-
spectively.

Substituting the above displacement and cohesive trac-
tions into the virtual work principle and following the stan-
dard procedure, the weak form of the equilibrium equations 
for static analysis can be derived [85], 
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Figure 2.  (a) Two A-FEs bonded by a ACZ element before deformation, all with doubly assigned nodes for possible intra-element cracking. 
(b) after deformation (assuming both solid A-FEs are cracked, the ACZ will be augmented into two mathematical elements with their own local 
coordinates as shown in (c). For each ME, the two Gaussian points are indicated by the two symbols “×”, which are located in the ME’s active 
cohesive integration domain (shaded area). The interface is exaggerated for illustration purposes.
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where B is the strain matrix, σ is the stress matrix, Fα (α =1 
and 2) are the external forces applied on ME-α, and t(δ) = 
RTt′(δ) is the cohesive traction array. Since t(δ)  is typically 
nonlinear, Equation (7) typically needs to be linearized. But 
it is straightforward to linearize the equation using an in-
cremental scheme. The incremental form of the equilibrium 
equations is:
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K K
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where Δdα and ΔFα (α = 1, 2) are incremental nodal displace-
ments and external loads, respectively. The matrices Kij are
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where Dα (α =1 and 2) are the stiffness matrices of the bond-
ed solid elements and Dcoh is the tangential stiffness matrix 
of the cohesive law (in local coordinates), i.e.,

Dcoh
t t t n

n t n n

f f
f f

=
∂ ∂ ∂ ∂
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
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


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δ δ
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The above stiffness integration within a mathematical el-
ement is performed on the active material domain (i.e., Ω1

e  
for ME1 or Ω2

e  for ME2), rather than on the entire elemental 
domain Ω Ω Ωe e e( ).= ∪1 2  This is important because it offers 
extra flexibility in handling material heterogeneity across 
the discontinuity: simply using different Dα during the inte-
gration will achieve this purpose. Subdomain integration is 
needed for the stiffness integration of Equation (8) and we 
employed the triangularization scheme used in [50].

3.3.  Augmented Cohesive Zone (ACZ) Element for 
Crack Bifurcation and Coalescence

The above A-FEM with embedded cohesive fracture de-
scription can effectively deal with multiple arbitrary cracks 
within any lamina (i.e., transply cracks). However, in lami-
nated PMCs the interface delamination is often strongly cou-
pled with the transply cracks. Such strongly coupled process 
zones need special numerical treatment to guarantee correct 
stress coupling during crack bifurcation and coalescence. 
If traditional cohesive element were used together with the 
A-FEM or X-FEM, the local stress transfer during the non-
linear interaction will be in significant error. The reason is 
that, although a traditional cohesive element can effectively 

account for the displacement discontinuity across the inter-
face, it cannot resolve the displacement discontinuity within 
the element along the interface introduced by the cracking of 
its abutting solid elements [43]. Fortunately, with the idea of 
augmented FEM, it is possible to develop augment cohesive 
elements (ACZs) that can allow for arbitrary separation ac-
cording to the cracking configuration in the abutting solid 
elements to achieve accurate load transfer.

The ACZ element can be defined with two sets of cor-
ner nodes shared with the abutting solid A-FEs [e.g. 1-2-
3-4-1′-2′-3′-4′ as shown in Figure 2(a)]. If neither of the 
solid A-FEs is cracked, all the virtual nodes are tied with 
the corresponding real nodes and both the solid A-FEs and 
ACZ element behave like standard FE and traditional CZ 
element. However, if either or both of the abutting solid 
elements are cracked and the crack tip(s) reaches the inter-
face, the cohesive element will be augmented accordingly. 
Figure 2(b) shows the augmented configuration when both 
solid A-FEs have cracked. In this case, the ACZ can be 
augmented into two MEs for cohesive stress integration 
with 1-2′-3′-4 for ME-1 and 1′-2-3-4′ for ME-2 as shown 
in Figure 2(b) and 2(c). The respective cohesive stress in-
tegration domains for the MEs are shown in the figure by 
shaded areas.

For each ME-α (α = 1 or 2), a local coordinate system 
can be established by defining the tangential direction (tα) 
along the line that connects the mid-points of edge 14 and 
2′3′ for ME-1, or, that connects the mid-points of 1′4′ and 
23 for ME-2, as shown in Figure 2(c). The respective normal 
directions (nα) are perpendicular to tα. Thus the rotational 
matrix for each ME, can be obtained as Qiα = Diag{Riα, Riα, 
Riα, Riα}. Here Riα is computed using the rotation angle θα of 
cohesive ME-α as shown in Figure 2(c). Note that from here 
on we shall denote all quantities associated with the ACZ 
interface element with subscript “i”.

The nodal displacements of ME-α in local coordinates 
can be obtained as:

′ =d Q di i iα α α

The local displacement jumps (crack displacements) 
across the ME-α can be obtained as:

Nδ d NQ di t n i
T

i i iα α α α αδ δ= = ′ ={ }

where

N =
− −

− −










N N N N
N N N N

1 2 2 1

1 2 2 1

0 0 0 0
0 0 0 0 α

is the interpolation matrix consisting of 1D standard nodal 
shape functions, i.e., N1 = (1 – ξ)/2 and N2 = (1 + ξ)/2 with 
ξ ∈ [-1,1]. 

The incremental form of the interface cohesive stresses 

(8a)

(8b)

(9)

(10)

(11)
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can be obtained from interfacial cohesive laws, gti(δi) and 
gni(δi), as follows

∆ ∆ ∆′ = ′ =t D δ D NQ di i i i i iα α α α coh  coh

where Di coh is the tangential stiffness matrix of the interface 
cohesive law (in local coordinates), which can be obtained 
from Equation (9) by replacing ft(δ) and fn(δ) with interface 
cohesive laws, gti(δi) and gni(δi), respectively.

From the principle of virtual work the equilibrium equa-
tion of the ME-α in incremental form can be derived straight-
forwardly as below:

Q N D NQ d Fi
T T

i i
l

i idlα α α α
α

 cohÚÊ
ËÁ

ˆ
¯̃

=∆ ∆

The integral in the parenthesis “()” is the tangential stiff-
ness of the ME-α. In this study, Gaussian integration is used. 
For each ME-α, the two Gaussian points are located in the 
active cohesive integration segment only and they are indi-
cated in Figure 2(c) by symbol “×”. 

The 3D version of the A-CZ has also been developed and 
implemented into the ABAQUS (6.9) as a user-defined ele-
ment, which works together with the A-FEM for solving the 
arbitrary cracking problems in composites.

4.  A-FEM SIMULATION OF COMPOSITES AT 
VARIOUS LENGTH SCALES

The A-FEM and ACZ element described above enables 
detailed composite analyses at various scales. In this sec-
tion, we shall introduce several recent successful examples. 
Discussions will be focused on numerical and material is-
sues that need to be addressed regarding the nonlinear frac-
ture processes and their coupling behavior at different length 
scales.

4.1.  Structural Scale Damage Coupling 

We first analyze the progressive damage evolution in the 

double notch tension specimen reported in [88]. The experi-
mentally observed damages at three different load levels are 
shown in Figure 3. When this double-notched (0/90)s lami-
nate was loaded at about 25% of the final load, a splitting 
crack in 0°-ply and a transverse crack in 90°-ply were al-
ready formed at the notch-root [Figure 3(a)]. As the load 
increased, the splitting crack propagated gradually towards 
the loading boundary and was accompanied by the genera-
tion of many transverse cracks [vertical lines in Figure 3(b)]. 
Meanwhile, delamination cracks were also formed around 
the splitting cracks in a self-similar fashion (dark triangular 
regions in Figures 3(b) and 3(c). The delaminating shape and 
transverse crack density are results of complex interplay of 
the different types of cohesive damage while they evolve 
[87]. It is possible to model the splits and transverse cracks 
using CDM based material degradation model. However, in 
doing so, the evolving nonlinear interaction between the ply 
cracks and delamination cannot be followed. As a result, the 
delamination shape and area, as well as the splitting crack 
growth rate as a function of applied stress would be inac-
curate [28,89]. 

The simulation was done at coupon level with each ply 
modeled by plane-stress A-FEM elements to allow for mul-
tiple ply cracks and 3D ACZ elements for delamination and 
correct coupling. All possible damage modes of importance 
to structural integrity, i.e., splitting, transply cracking, inter-
ply delamination, and fiber rupture, were included in a single 
structural model as shown in Figure 4(b). In addition, con-
tinuous plasticity that represents irreversible damage oc-
curring in small volumes of the polymer matrix (at micron 
scales) was included. 

A detailed account of how the elastic/plastic properties 
and cohesive fracture properties were calibrated from litera-
ture data has been given in [87], where the excellent mesh 
independent results were also demonstrated for specimen 
compliance, splitting crack growth rate, transverse crack 
spacing, and delamination shape and area.

A direct comparison of the simulated and experimental re-
sults is summarized in Figure 4. The A-FEM simulation suc-
cessfully reproduces all the important features observed ex-

(12)

(13)

Figure 3.  X-ray radiography reveals damage mechanisms viewed through the ply stack in a double-notch tension specimen with symmetric 
orthogonal ply stack ((0/90)s ) [88].
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Figure 4.  (a) Image taken immediately before specimen failure with clearly coupled splitting cracks, transply cracks, and wedge-shaped delami-
nation zones. (b) predicted damages closely follow the experimentally observed damage pattern. (c) comparison of measured and predicted 
load-displacement data; and (d) comparison of splitting crack length as a function of applied stress [87]. 

perimentally on the three cracking systems. The self-similar 
delamination zone angle is predicted to be 8°, in agreement 
with the experimental value of 7°–10°. The splitting crack 
growth rate (as a function of applied stress), and multiple 
transverse cracks and their spacing are also well captured. In 
particular, the gradual decrease of specimen stiffness due to 
multiple transverse cracking in the load-displacement curve 
is accurately captured. 

We emphasize that, to achieve this unprecedented level of 
fidelity it is critical to include the multiple transverse crack-
ing in the simulation. Had this not been included, the pre-
dicted delamination area and shape would be significantly 
different from the experiment [c.f. the curve in Figure 4(c) 
labeled as “no transverse cracking”]. Another important 
finding is that the continuous shear plasticity must be in-
cluded. Otherwise the delamination crack propagation rate 
and shape would be in significant error. Evidence of crack-
tip shear nonlinearity has recently been confirmed by μCT 
data of similar specimens [90]. 

In the above structural level simulations, it is implicitly 
assumed that, once a transverse crack or splitting crack is 
initiated, it immediately propagates as a steady-state crack, 
because the in-situ strength is derived from steady-state 
crack analysis based on LEFM and the assumption that the 

interface remains fully bonded (tunneling or channeling 
crack mode) [91,92]. Judging from the simulated results, 
this assumption appears valid at least for the current analy-
sis. However, whether this should be true for other compos-
ites remains a question. This question can be answered from 
a more detailed analysis at a smaller scale, which will be 
described as follows.

4.2.  Damage Coupling at Sublaminar Scale

To focus on coupling between delamination and an in-
dividual transply crack, the sublaminar level model shown 
in Figure 5 was studied. The transverse crack is bounded 
in one direction by the ply thickness, but extends along the 
fiber direction. 

Simulations revealed that tunneling crack initiation can 
occur either from an arbitrarily located small flaw as a pen-
ny-shaped crack or from a free edge. However, even if ini-
tiation occurs first from the flaw, the cohesive crack at the 
free edge initiates before the penny-shaped crack reaches the 
ply interfaces; then the two quickly link up and propagate in 
unison towards the interfaces and thus form a mature tunnel-
ing crack [93]. Depending on the mode-II to mode-I tough-
ness ratio and cohesive strength, there may be two tunneling 
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modes. For PMCs, which typically have mode II tough-
ness several times larger than mode I toughness, transply 
cracks will not trigger significant local delamination during 
their initiation and propagation (as channeling or tunneling 
cracks). Rather, delamination occurs after transply cracking 
processes are completed and upon further loading, which is 
indicative from the experimental images of Figure 1. In such 
condition, the transply crack initiation stress is only 5% less 
than the steady-state propagation stress [93]. 

LEFM is inaccurate in predicting the stress for initiating 
the delamination crack that is subsequently triggered by the 
transverse crack, which depends on both the toughness ratio 
and cohesive strength ratio and is heavily influenced by the 
presence of a free edge [93]. This again highlights the need 
of using of nonlinear cohesive models for delamination of 
composites, especially in cases that there are no large-sized 
preexisting delamination cracks.

The other mode, i.e., the unstable tunneling with de-
lamination mode, is not commonly seen in typical PMCs, 
but observations have been reported of analogous cracks in 
other material systems such as in thin films bonded to thick 
substrates [94–96]. Direct observation of the tunneling mode 
of propagation has not been made for transverse microcracks 
in laminates, which calls for new experimental observation 
techniques.

The question that naturally follows from this sublaminar 
model analysis is whether one can predict fracture toughness 
and cohesive strength based on the properties of the matrix, 
fibers, and fiber-matrix interface? To answer this, one in-
creases modeling resolution to the microscopic scale, with 
explicit representation of matrix, fibers and the interfaces 
that bond them. Such an analysis is given below.

4.3.  Microscopic Fiber/Matrix Interaction

At the microscopic level (single fiber scale), stochastic 

matrix and fiber properties need to be considered. A-FEM 
is well positioned to address this issue. Figure 6 gives an 
example of a failure analysis of a representative volume con-
taining 28 randomly distributed fibers embedded in a matrix 
(fiber volume 50%) under uniaxial tension. A-FEM elements 
were used for the matrix and ACZ elements were used to 
join the matrix domain and elastic fibers. 

The simulation reveals multiple cracking in the matrix 
domain before a final cracking path is chosen by connect-
ing microcracks in the matrix with fiber-matrix interface 
debonds (inset of Figure 6). It is also found that fiber posi-
tion, which is a random variable due to the manufacturing 
process, significantly influences the final cracking path and 
is responsible for the observed sample-to-sample variation 
of measured toughness, which is typically 10–15%. 

The nominal stress-separation curves of several such 
simulations are given in Figure 6. In this case, the assigned 
toughness and strength are: for the matrix, 200 J/m2 and 100 
MPa; for interfaces, 100 J/m2 and 60 MPa. The predicted 
peak strength (cohesive strength) of 80 MPa is bounded by 
the matrix and interface strength and is relatively insensitive 
to fiber randomness. However, the derived fracture tough-
ness, i.e., the energy dissipation divided by the nominal 
crack area, predicted to be 180 ± 20 J/m2, is significantly 
influenced by fiber positioning because different fiber orga-
nization leads to significantly different final cracking paths. 
Thus the microscopic analysis at least offers the possibility 
of predicting nonlinear cohesive laws that can be used at the 
sublaminar or structural level. 

However, note that the fidelity of such microscopic 
analyses depends strongly on accurate input for the mate-
rial properties of the matrix, fibers, and interfaces at the mi-
croscopic scale, which is not easily obtained. In the future, 
this problem may benefit from nano or molecular dynamics 
analyses to determine nanoscopic or sub-microscopic mate-
rial behavior. 

Figure 5.  (a) A (0/90/0) laminate with a tunneling crack that is accompanied by four delamination cracks. (b) Numerically determined tunneling 
initiation stress (left Y-axis) and delamination process zone size (right Y-axis) as functions of toughness ratio ΓII /ΓI [93].
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5.  FURTHER DISCUSSIONS—SEAMLESS  
COUPLING AMONG VARIOUS SCALES

It is desired to unify the different scale analyses into a sin-
gle multiscale framework so that the structural level (global) 
deformation and those local damage processes are seamless-
ly coupled. Given sufficient computational resources, the 
A-FEM with cohesive damage descriptions, facilitated with 
ACZ for handling material boundaries, is inherently multi-
scale and can achieve faithful global-local coupling. Never-
theless current computational power limits our analysis at 
coupon level structural scales. 

To improve numerical efficiency, one possibility is to 
develop multiscale hierarchical modeling approaches based 
on unit cell (UC) or representative volume element (RVE) 
analyses and followed by homogenization from one scale to 
next higher level scale (hierarchical model), such as those 
in [11–17]. However, as emphasized previously any attempt 
to homogenize discrete damage processes leads to loss of 
direct damage coupling, which has been shown critical for 
composite strength analyses (section 4.1). 

A recent report on two scale modeling using X-FEM and 
level set functions shed a promising light [53]. It has been 
demonstrated in that paper that it is possible to use two sets 
of meshes, a coarse mesh for structural responses and a fine 

mesh allowing for microscopic details of material heteroge-
neity and localized damage, to achieve global-local coupling 
with much reduced computational cost while maintaining 
reasonable simulation fidelity. The two sets of meshes were 
coupled through a variational multiscale method (VMM) 
which guarantees energy balance across the coarse-fine 
mesh boundaries, but the displacements were enforced in 
a weak sense. While this method guarantees global energy 
consistency through the variational analysis, local energy 
expenditure among different types of damage at different 
scales, especially when they coalesce into each other, is not 
guaranteed. 

On the A-FEM front, recent breakthroughs in the author’s 
group [98] have been made it possible for the new A-FEM 
to account for multiple, arbitrary intra-elemental disconti-
nuities without the need for additional virtual nodes or nodal 
DoFs. This new A-FEM is especially convenient when deal-
ing with the material heterogeneities (and the cracking is-
sues associated with it) in complex materials such as textile 
composites. 

Figure 7 shows an example that demonstrates the new 
A-FEM’s excellent capability in dealing with highly het-
erogeneous textile composites. A cross-section of a real 3D 
interlock textile composite wherein the geometries and al-
locations of weft tows, warp tows and matrix pockets were 

Figure 6.  A-FEM simulated progressive failure of a microscopic representative volume element with explicit consid-
eration of matrix cracking, fiber/matrix debonding, and randomly located fibers. The five nominal stress vs. separation 
curves are different runs with randomly assigned fiber organizations. The inset shows the multiple cohesive damage in 
matrix and the final cracking path of connected microcracks in matrix and fiber/matrix interfaces [97].



High-Fidelity Analyses of Composites at Various Length Scales with Discrete Damage Representations 11

replicated using real specimen data obtained from μCT char-
acterization. Thus statistics of material heterogeneities are 
naturally built in. The 2D A-FEM simulated results as com-
pared to the experimental observations and measurements 
are shown in Figure 7. Despite the simulation is 2D while 
the actual specimen is 3D, the new A-FEM is able to capture 
all the major damage modes [see legend in Figure 7(c)]. The 
crack locations are also well predicted. The nominal stress-
strain curve follows the experimental data closely up to the 
point when first major transverse cracking event occur [crack 
2 and 4 in Figure 7(a) and 7(b)]. After that the curves are dif-
ferent because the 2D model cannot realistically account for 
the 3D interlock effects in 3D textiles. The example clearly 
demonstrates the great potential of the new A-FEM. It also 
highlights the urgent need of 3D A-FEM development which 
is an on-going research task.

Since the A-FEM is fully compatible with existing FE 
programs, it is very convenient to connect A-FEs with other 
multiscale methods such as the Arlequin method [99] to di-

rectly couple critical areas (with high-resolution A-FEM & 
ACZ elements) to non-critical areas (with low resolution 
regular elements). The most attractive feature of the Arle-
quin method is that it can couple two different mechanical 
states accurately and the numerical coupling cost is minimal. 
We have recently developed a suite of Arlequin coupling ele-
ments, including 2D-2D, 1D-2D, 1D-3D, 2D-3D, and shell-
3D. These elements are compatible with commercial pack-
age ABAQUS [100]. 

An example of simulated four-point shear/bend test with 
A-FEM and Arlequin coupling is given in Figure 8. In Fig-
ure 8(a) the finer mesh region was A-FEs while the coarse 
mesh region is standard FEs. The two regions were coupled 
with two layers of Arlequin coupling elements. With such 
set up, the simulated load vs. crack mouth sliding displace-
ment were correctly captured with a saving of computational 
time of 60% as compared to the case of using fine mesh only. 
Further study on adapting the method into a two-scale or 
even multiscale modeling approach is currently on-going.

Figure 7.  (a) Experimentally observed damages (2D cross-sectional view), (b) the 2D A-FEM predicted damages 
capturing all the damage modes observed in the experiments, and (c) predicted nominal stress-strain curve showing 
the 2D A-FEM in excellent agreement with measured curve up to first major cracking events.
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6.  CONCLUDING REMARKS

In this paper, the necessity of explicitly addressing mul-
tiple damage processes and their nonlinearly coupled evolu-
tion at various length scales to achieve high-fidelity strength 
prediction of composite materials has been highlighted. This 
requires advanced numerical simulation frameworks that 
can (1) explicitly account for major damage modes and their 
nonlinear coupling; (2) seamlessly integrate nonlinear mate-
rial failure modes such as CZMs at different length scales; 
and (3) adequately account for global-local coupling so that 
direct influence functions between local damage events and 
global structural integrity can be established. 

Recent developments in advanced numerical methods 
that can meet these challenges, including the X-FEM frame-
work, phantom node method, and the A-FEM framework, 
have been reviewed. All these methods can adequately han-
dle the arbitrary crack generation and propagation which is 
critical to describe discrete damage in composites. However, 
A-FEM has the advantage of easy handling of material het-
erogeneity and the nonlinear coupling of multiple cracking 
systems. In particular, the augmentation method can apply 
to cohesive interface elements so that they can correctly re-
solve the stress coupling when cracks merge or bifurcate. 
Detailed formulations of an 8-node A-FE and the associated 
A-CZ element have been given. Successful application of 
this framework to composite failure analyses on three dis-
tinct length scales, i.e., structural level, sublaminar level, 
and microscopic level, has been demonstrated. The associ-
ated numerical and length scale issues have been discussed. 
Finally, the Arlequin method that has the potential to es-
tablish a tightly coupled multiscale approach to adequately 
account for global-local coupling has been reviewed. This 
method can potentially lead to the establishment of direct 
influence functions between local damage events and global 
structural integrity.
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